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Resum é (in Danish)

Modellering af skadesudvikling og duktilt brud i svejsninger

Denne afhandling omhandler numerisk analyse af skadesudvikling og duktilt brud i
svejsninger. To svejsningstyper er her undersøgt. Som udgangspunkt analyseres
lokalisering af plastiske deformationer og brud i aluminiumsplader som er sam-
menføjet med den relativt nye •friktions-omrørings-svejsnings-teknikŽ (Friction Stir
Welding) ([P1], [P2], [P7]-[P9]). Der fokuseres i afhandlingen p�a svejsninger udført i
aluminiumlegeringer fra 2xxx og 6xxx serien, som eksempelvis er attraktive for ”yin-
dustrien eftersom konventionelle fusionssvejsningsteknikker normalt anses for uegnet
til at sammenføje især 2024 legeringen. Derudover undersøges punktsvejsninger som
er baseret p�a den udbredte modstandssvejsningsteknik. Skadesudvikling og brud er
her analyseret for punktsvejsninger som belastes ved almindeligt anvendte destruk-
tive test, s�a som •shear-labŽ og •cross-tensionŽ testning ([P3]-[P6]). Der fokuseres
i afhandlingen p�a en gruppe af høj-styrke st�al kaldet •Advanced High Strength
SteelsŽ, herunder to-fase st�allet DP600, som eksempelvis er anvendt i bilindustrien
p�a grund af de gode mekaniske egenskaber. Begge svejseteknikker er kendt for at
medføre en markant ændring af materialets mikrostruktur i det svejste omr�ade. Der
er derfor ligeledes udført eksperimentelle undersøgelser for at estimere variationen af
model parametre p�a tværs af de analyserede svejsninger, samt for at udføre m�alinger
som kan sammenholdes med modellerne ([P3], [P7]-[P9]). Fokus i denne afhandling
er dog hovedsagligt p�a modellering af de store materiale deformationer som medfører
duktilt brud i det svejste omr�ade, i takt med at en belastning p�aføres.

Alle numeriske modeller udviklet i denne afhandling er baseret p�a den klas-
siske mikro-mekaniske Gurson model (Gurson-Tvergaard-Needleman modellen), som
tilnærmer mekanismerne i duktilt brud igennem et sæt af konstitutive ligninger.
Skade, i form af sfæriske hulrum, antages her at dannes nær inklusioner i materialet,
hvorefter disse hulrum vokser indtil interaktionen med nabo-hulrum giver anledning
til accelereret skadesudvikling og efterfølgende brud. Videreudviklinger af denne
klassiske model, som dels tager hensyn til formen p�a hulrum i materialet (Gologanu-
Leblond-Devaux model) og som dels kan beskrive brud ved lav spændingstriaxialitet
(Nahshon-Hutchinson modi“kation), er ligeledes anvendt til at forudsige og beskrive
brud i svejsninger.
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Abstract

Modelling of damage development and ductile failure in welded
joints

This thesis focuses on numerical analysis of damage development and ductile failure
in welded joints. Two types of welds are investigated here. First, a study of the
localization of plastic ”ow and failure in aluminum sheets, welded by the relatively
new Friction Stir (FS) Welding method, has been conducted ([P1], [P2], [P7]-[P9]).
The focus in the thesis is on FS-welded 2xxx and 6xxx series of aluminum alloys,
which are attractive, for example, to the aerospace industry, since the 2024 aluminum
in particular, is typically classi“ed as un-weldable by conventional fusion welding
techniques. Secondly, a study of the damage development in Resistance Spot Welded
joints, when subject to the commonly used static shear-lab or cross-tension testing
techniques, has been carried out ([P3]-[P6]). The focus in thesis is on the Advanced
High Strength Steels, Dual-Phase 600, which is used in for example, the automotive
industry due to its good mechanical properties. Both welding techniques are known
to result in a signi“cant change of the microstructure in the weld region. Thus, some
experimental investigations have been conducted to estimate the variation of the
model parameters across the weld as well as to obtain experimental measurements
for comparison with the developed models ([P3], [P7]-[P9]). However, the main
focus in this thesis is on modelling the large material deformation in the weld region
that eventually leads to ductile failure, as loading is applied.

All numerical models developed in this thesis are based on the classical micro-
mechanical Gurson model (Gurson-Tvergaard-Needleman model), which approxi-
mates the ductile failure mechanism by nucleation, growth and coalescence of sphe-
rical micro-voids through a set of constitutive equations. Extensions to this classi-
cal model that account for the void shape evolution (the Gologanu-Leblond-Devaux
model) and failure during low triaxiality shearing (the Nahshon-Hutchinson shear
modi“cation) have also been applied to predict failure in welded joints.
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Chapter 1
Introduction

1.1 Background

Welding and joining of materials are essential for modern industries in order to
e�ciently produce and assemble complex structures. Depending on the demand,
existing welding techniques may be adapted to “t speci“c industrial needs, whether
it is on construction site or along assembly lines. However, many aspects of existing
welding techniques and their ability to e�ciently join new materials are still poorly
understood. Thus, industries with a high demand for safety such as the aerospace
industry, have only to a rather limited extent applied welds as a means of joining
crucial components.

This drives the scienti“c community in developing welding techniques to produce
high quality welds and to provide understanding of the many factors in”uencing the
weld performance during in-service loading and its comparison to lab tests. The
studies found in the scienti“c literature may be divided into two categories. First,
the in-progress weld analyses including; CFD modelling and experimental studies
of the material ”ow during welding; modelling and measurements of heat genera-
tion and temperature history; thermo-mechanical modelling of residual stress “elds;
and modelling of microstructure evolution and local material properties in the weld
region. Secondly, the post-welding analyses including; microstructure investigation
and measurement of local mechanical properties; experimental and numerical studies
of residual stresses and their e�ect on the weld performance; numerical and expe-
rimental studies of fatigue crack growth; experimental failure analyses; and “nally
modelling of large strain localization of plastic ”ow and damage evolution during
loading.

The focus in this thesis is on modelling plastic ”ow localization and ductile
damage development in Friction Stir Welded (FSW) and Resistance Spot Welded
(RSW) joints when subject to loading during static testing. By gradually increasing
the complexity of the numerical models, studies on how local material properties
and the test specimen geometry a�ect the failure response are carried out. For all
studies presented in this work, the assumption that the material fails in a ductile
manner has been applied (see Fig. 1.1). Thus, material failure is assumed to initiate
as nucleation of microscopic voids at second phase particle either as particle-matrix
decohesion or as particle fracture. For moderate to high stress triaxiality the voids
start to grow during large plastic straining and eventually reach a critical stage where
plastic ”ow localizes in the ligament between neighbouring voids. Void coalescence
then takes place, which signi“cantly increases the damage growth rate that leads to
“nal failure. This mechanism is, however, di�erent for low stress triaxiality since

1



2 Chapter 1 Introduction
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Fig. 1.1 Illustration of the mechanism governing ductile failure in metallic materials,
subject to moderately high stress triaxiality. a) Microstructure of virgin material, b) void
nucleation by particle fracture or particle-matrix decohesion, c) continuous void nucleation
and growth, and d) void coalescence and interaction with small inclusions. (The markers
on the tensile curve are for illustration only.)

recent numerical and experimental studies (Barsoum and Faleskog, 2007; Tvergaard,
2008, 2009; Jodlowski, 2009; Xue et al., 2009) suggest that none or only limited void
growth takes place here. Instead, the continued material softening at low triaxiality
is found to be governed by voids ”attening out to micro-cracks which then rotate and
elongate until coalescence is reached by interaction with neighbouring micro-cracks.

To approximately account for the complex mechanisms leading to ductile failure
at su�ciently high stress triaxiality, a family of micro-mechanics based constitutive
damage models, relying on the work initiated by Gurson (1977), has been developed
(see e.g. Tvergaard and Needleman, 1984; Mear and Hutchinson, 1985; Tvergaard,
1990; Leblond et al., 1995; Gologanu et al., 1997; Pardoen and Hutchinson, 2000;
Benzerga et al., 2004; Scheyvaerts, 2008). Based on an upper-bound solution for
voids on the micro-level, Gurson (1977) formulated a macroscopic yield surface for
porous materials, using only the void volume fraction,f , to approximately account
for damage development. Adjustments to this approximated yield surface were later
suggested by Tvergaard (1981, 1982b), to better represent the material response
predicted by numerical cell model studies. The original Gurson model largely over-
estimates the critical strain for the loss of stress carrying capacity due to coalescence
of neighbouring voids in real materials (or cell model studies). To approximately
account for this mechanism, Tvergaard and Needleman (1984) modi“ed the Gurson
model, making the model attractive for the scienti“c community as well as for indus-
trial applications (see also Tvergaard, 1990). Their rather simple modi“cations are
probably the most important in relation to engineering applications and the model



1.2 Structure of this thesis 3

has become widely known as the Gurson-Tvergaard-Needleman model.
The Gurson model was then reformulated by Gologanu et al. (1993, 1994, 1997),

to account for the shape evolution of spheroidal voids in a perfectly plastic mate-
rial, while extensions to strain hardening materials were introduced heuristically
by Pardoen and Hutchinson (2000). This Gurson-type model rest on a strong
micro-mechanical foundation and is nowadays well known as the Gologanu-Leblond-
Devaux model. The model brings interesting features in being able to predicted the
void shape evolution during plastic ”ow localization ([P6],[P8],[P9]), and studies to-
wards expanding this model to account for general (non-spheroidal) ellipsoidal voids
have recently been initiated (Leblond and Gologanu, 2008). Due to the higher level
of the physics, these later models are often combined with more complex micro-
mechanics based coalescence models (Thomason, 1990; Pardoen and Hutchinson,
2000; Benzerga, 2002; Scheyvaerts, 2008, [P7]-[P9]). Furthermore, some attempts
to extend the Gurson model to anisotropic materials can be found in the literature
(Benzerga and Besson, 2001; Benzerga et al., 2004; Danas and Casta�neada, 2009).

In recent years an increasing interest in the Gurson models inability to predict
failure at zero mean stress (e.g. pure shear), can be found in the literature, since con-
tinued softening and failure is known to occur during signi“cant shearing (Barsoum
and Faleskog, 2007; Tvergaard, 2008, 2009; Jodlowski, 2009; Xue et al., 2009). In
an attempt to repair on the Gurson model, a phenomenological shear-modi“cation
has recently been suggested by Nahshon and Hutchinson (2008), so that the Gurson
model can predict ductile failure during intense shearing. However, as discussed
in [P2], this modi“cation has too large an e�ect on the damage development in
some case where the stress triaxiality is high, thus a simple extension to this shear-
modi“cation is suggested in [P5] (see section 3.2.2).

1.2 Structure of this thesis

This thesis consists of a brief introduction to the •Friction stir welding• and •Re-
sistance spot welding• techniques presented in chapter 2. A detailed description of
the model formulation and the di�erent Gurson-type models used in the numeri-
cal analyses are presented in chapter 3. Two results chapters are presented, each
treating the friction stir welds (chapter 4) and the resistance spot welds (chapter 5),
separately. Chapters 4 and 5 serves as a summary of the main results and discussions
in the nine papers [P1]-[P9] written during the author•s Ph.D study. The papers are
included at the end of the thesis.

The “rst paper, •Ductile damage development in friction stir welded aluminum
(AA2024) joints• [P1], presents a parametric study of the interaction between the
local material properties of the weld region, damage development and the position
of failure in friction stir welded joints.

In •E�ect of a shear modi“ed Gurson model on damage development in a FSW
tensile specimen• [P2], coauthored with Viggo Tvergaard a study the e�ect of the
recently suggested shear-modi“cation to the Gurson model by Nahshon and Hutchin-
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son (2008) is presented. The focus is here on plastic ”ow localization and damage
development in friction stir welded joints.

The paper •3D modelling of plug failure in resistance spot welded shear-lab spe-
cimens (DP600-steel)• [P3], presents a numerical study of the plug failure mode
during shear-lab testing of single spot welded joints, and the model predictions are
here compared to experimental observations. The e�ect of the spot weld diame-
ter and specimen geometry on the e�ective tensile strength and ductility is here
investigated.

The study presented in [P3] is extended in •3D modelling of ductile plug failure in
resistance spot welded shear-lab specimens (DP600 steel)• [P4], for the proceedings
of the •12th International Conference on Fracture - ICF 2009• [P4]. A wider range
of model parameters is here considered and a discussion on the change in tensile
response due to changes in the test specimen geometry is presented.

The paper •Ductile shear failure or plug failure of spot welds modelled by mo-
di“ed Gurson model• [P5], which is coauthored with Viggo Tvergaard presents an
application of the shear-modi“ed Gurson model by Nahshon and Hutchinson (2008).
An improvement to the model for better predictions at high stress triaxiality is here
proposed.

In •Predicting failure response of spot welded joints using recent extensions to
the Gurson model• [P6], a comparison of the predicted tensile response of spot
welded shear-lab and cross-tension test specimens is presented, when using recent
extensions to the Gurson type model. The predicted failure modes and tensile curves
are discussed in relation the assumptions and limitations of the di�erent models.

The paper •Micro-mechanical modelling of damage in 6005A aluminium using
a physics based strain hardening law including stage IV• [P7], is coauthored with
Aude Simar, Bruno de Meester, Viggo Tvergaard and Thomas Pardoen. A combined
numerical and experimental characterization of heat treated 6005A aluminum is
presented here for later use in relation to friction stir welds in [P8] and [P9].

A preliminary study of the e�ect of the late stage IV strain hardening on fail-
ure in friction stir welds is presented in •Strain hardening and damage in 6xxx se-
ries aluminum alloy friction stir welds• [P8], as a contribution to the •International
Conference on Processing & Manufacturing of advanced materials - THERMEC
2009•. This short paper is coauthored with Aude Simar, Bruno de Meester, Thomas
Pardoen and Viggo Tvergaard.

In •The e�ect of stage IV hardening on localisation and damage development in
friction stir welded 6005A aluminum alloy• [P9], which is coauthored with Thomas
Pardoen, Bruno de Meester, Viggo Tvergaard and Aude Simar, a combined nume-
rical and experimental analysis of the local material properties and their in”uence
on the tensile response of friction stir welded joints is presented.

Finally, some concluding remarks on the results presented and the applicability
of the Gurson modelling approach are given in chapter 6.



Chapter 2
Welding techniques

2.1 Friction stir welding

The Friction Stir Welding (FSW) method was developed at The Welding Institute
(TWI, Cambridge, United Kingdom) in 1991 (Thomas et al., 1991) and has become
a widely used solid-state welding technique for joining a vast variety of materials.
In this thesis, the work on FS-welds has focused on the 2xxx and 6xxx series of
aluminum alloys, which are age hardenable alloys. Thus their material properties
depend heavily on the composition of the hardening precipitates [P7]. All comments
on FSW are made with these alloys in mind, unless anything else is stated.

The FSW process is shown schematically in Fig. 2.1a. The process utilizes a
spinning tool, consisting of a pin and a shoulder plate, which is lowered into the
weldline until the shoulders are pressed in contact with metal sheets to be welded
(the workpiece). Friction heating between the tool and the metal sheets then softens
the material, which allows for extensive stirring in what is to become the weld nugget.
This heating-softening mechanism is self-stabilizing, which ultimately makes the
FSW technique a solid-state process (Dawes, 1995). By forcing the spinning tool
forward along the weldline a joint is created due to the extensive deformation of
the material in the stir zone. This combined rotational and translatoric motion of
the tool results in an asymmetric material ”ow during welding (Schmidt and Hattel,
2006), which creates a slight asymmetry in the “nal weld. Hence, a FS-weld consists
of an advancing and a retreating side, for which the rotational speed of the tool,r ,
is in the direction of or opposite to the advancing tool speed,v, respectively (see
Fig. 2.1a). Furthermore, for increasing metal sheet thickness a pronounced di�erence
between the top (crown) and the bottom (root) of the weld is created (see Fig. 2.1b).
This is due to the shoulder plates creating friction heating on the top-side of the
weld, while the backing plate, onto which the workpiece is rigidly clamped, acts as
a heat-sink.

The temperature evolution during welding, does not only a�ect the di�erence
between the root and the crown, but also the variation of the material properties
transverse to the weldline as well as the size of the di�erent zones in the weld [P9].
Based on the microstructure and the mechanical properties, a FS-weld can be di-
vided into four regions, where the material to be joined is the base material (BM),
a heat a�ected zone (HAZ) is the material experiencing a signi“cant increase in
temperature, a thermo-mechanically a�ected zone (TMAZ) is closer to the weldline,
where the material is exposed to signi“cant heating as well as mechanical deforma-
tion, and “nally a “ne grained region in the middle of the weld is called the weld
nugget (NG) (see Fig. 2.1b).

5
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(a)

(b)
Fig. 2.1 a) Illustration of the friction stir welding technique, b) fractured friction stir
welds in 6005A aluminum alloy seen from the side, illustrating the di�erent weld zones (cold
weld conditions [P8]-[P9]). The author acknowledge Aude Simar at Université catholique
de Louvain (UCL), Belgium, for the picture.

In many aspects, the FSW process has proven as good as (or better than) conven-
tional fusion welding techniques, especially in terms of the post-welding properties
of the welded joint, and the process has many advantages. For instance, no con-
sumable “ller material or gas is needed, no fumes or UV radiation is created, it is
easily automated and creates reproducible high quality welds with few defects when
applied to both similar and dissimilar materials. The later advantages are especially
true for the high strength 2024 aluminum alloy, which generally has been classi“ed
as un-weldable by fusion processes. However, many aspects of the FSW process are
still poorly understood and it su�ers from major limitations such as the weight and
size of the equipment involved in the process and thus the forces applied during
welding, the tool wear and cost (especially for welding high strength materials), and
speci“c FSW defects such as kissing bonds, onion rings and tunneling (Krishnan,
2002; Sato et al., 2005; Chen et al., 2006), as well as the non-homogeneous variation
of material properties in the weld region. Many studies dealing with all aspects of
the FSW technique can be found in the literature. Consequently, to optimize the
weld performance, a large number of experimental studies have been dedicated to in-
vestigate the microstructure evolution (Fonda and Bingert, 2004; Yang et al., 2004),
and the local properties in the weld region (Genevois et al., 2004; Sutton et al., 2004;
Liu and Chao, 2005; Simar et al., 2008), when applying FSW to a wide range of
materials. The post-welding conditions are typically linked to the thermal-history
of the workpiece and the material ”ow in the stir zone during welding, that is, to the
weld parameters (advancing tool speed,v, rotational speed,r , and tool geometry,
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see Fig. 2.1a). This drives the development of numerical models for predicting the
temperature distribution during welding as well as the material ”ow around the tool
probe. Detailed numerical studies can be found in the literature of, for example, the
shear-layer developing close to the weld tool (Schmidt and Hattel, 2006), the tool
shape e�ects on the ”ow and heat generation (Colegrove and Shercli�, 2003) as well
as the asymmetric heat convection due to the combined translatoric and rotational
motion of the tool (Schmidt and Hattel, 2005; Simar et al., 2007b). Furthermore,
thermo-mechanical models have been developed to investigate the residual stresses
from the welding process and their e�ect on, for example, weld sheets distortion
(Chao and Qi, 1998) and fatigue life time (John, 2003). These later thermal and
thermo-mechanical models have recently been used in optimization studies (Tutum
et al., 2007; Larsen, 2009; Tutum, 2009).

Most of the above studies have as an objective optimization of the weld per-
formance, whether a stronger or more ductile response is wanted. A number of
experimental studies on the tensile response and failure of FS-welds when subject
to static loading, can be found in the literature (Hui-jie et al., 2004; Liu and Chao,
2005). It is known that the interaction between the microstructure evolution, the
local material properties and the post-welding stress-strain conditions largely a�ect
the overall response of a FS-welded joint (Lockwood et al., 2002; Sutton et al., 2006).
However, only a rather limited number of numerical studies on the weld strength
and the plastic ”ow localization during ductile failure in FS-welds have been pre-
sented in the literature (Simar et al., 2007a; Gallais et al., 2007; Borino et al., 2009).
Simar et al. (2007a) presented a sequential model for predicting the local strain
hardening in FS-welded 6005A-T6 aluminum, when using a Voce type hardening
law. This study was then followed up in Gallais et al. (2007), where the material
properties were determined from micro-specimens cut from the di�erent zones in
the weld. Their experimental observations were combined with a 3D J2-”ow model
analysis to approximately predict the tensile response of di�erent FS-welded joints,
while the stress-history of a chosen integration point was introduced in a decoupled
damage model to predict the onset of void coalescence at that point. Based on this
decoupled modelling approach, Gallais et al. (2007) predicted the fracture strain
of various FS-welds. Recently, Borino et al. (2009) predicted failure of FS-welded
specimens using a cohesive interface modelling approach with good agreement to
experimental “ndings.

The aim of the present work is to contribute to the understanding of the mech-
anisms governing ductile failure in FS-welded joints subjected to static loading. A
numerical study of ductile failure in FS-welded 2024A aluminum is here carried out
to gain a parametric understanding of the factors in”uencing plastic ”ow localization
and eventually failure [P1]. This study is extended in [P2] to study the e�ect of a
recent shear-modi“cation to the Gurson model. Finally, a combined numerical and
experimental study of FS-welded 6005A aluminum is carried out in [P7]-[P9], using a
physics based strain hardening model as well as more sophisticated micro-mechanics
based Gurson and coalescence models.
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2.2 Resistance spot welding

Resistance Spot Welding (RSW) is a well known welding technique used in a num-
ber of industries for joining thin sheet metals. It is, for example, favourable in the
automotive industry where it is widely used due to the low cost, high e�ciency and
speed of the process. In this thesis, the work on RS-welds has focused on so-called
Advanced High Strength Steels (AHSS), where the Dual-Phase DP600 steel is con-
sidered due to its good mechanical properties, formability and weldability for RSW
(Ferrasse et al., 1998; Marya and Gayden, 2005; Hoon et al., 2008). Only welds in
similar materials have been considered, but an increasing interest of welding dissi-
milar materials for optimized structural performance can be found in the literature
(and the industry) (Zhang et al., 1997; Hasanba¸so�glu and Kaçar, 2006; Marashi
et al., 2008).

The RSW process utilizes the heating e�ect due to the electrical resistance at
the contact surfaces between the metal sheets to be welded, in order to melt the
metal and thereby create a joint (Zhang and Senkare, 2006). The metal sheets are
typically clamped by a calibrated axial-force, between an upper and lower electrode
(see Fig. 2.2a). During the clamping, a suitable weld current is passed through the
electrodes and the metal sheets in order to melt the material and thereby form a
su�cient weld pool size and shape. The time for which the material is exposed
to the passing current is referred to as the hold time. The spot weld is afterward
released to cool, mainly by heat conduction to the surrounding material, so that a
weld nugget is formed. Due to the melting of the material, this type of welds su�ers
from solidi“cation processes in the weld nugget, that is, the possibility of increased
porosity in the weld interface, solidi“cation cracks, and shrinkage voids (Zhang and
Senkare, 2006; Ma et al., 2008), which can deteriorate the overall performance of
the weld.

As for other welding techniques, the resistance spot welding process produces a
large variation in the microstructure of the weld region, due to the thermal treatment
of the material. As for the FS-welds, a RSW can be divided into di�erent regions,
where the material to be joined is the base material (BM), the heat a�ected zone
(HAZ) is the material experiencing a signi“cant increase in temperature, and a region
denoted the fusion zone or nugget (FZ/NG) of the weld is where the materials have
been melted (see Fig. 2.2b). The large variation in the microstructure of the weld
region results in a non-homogeneous variation of the mechanical properties, which
strongly depends on the base material properties and treatments prior to welding.
By applying RSW to DP600 steel, the material hardness has been shown to increase
signi“cantly in the weld nugget [P3]. This is due to an increased volume fraction of
hard martensite that has formed during the rather rapid cooling of the weld (Tong
et al., 2005; Song et al., 2005; Marya et al., 2006; Long and Khanna, 2007; Ma et al.,
2008).

Even though the RSW process is relatively simple, an ongoing e�ort in simulating
the process and the performance of RS-welded joints can be found in the literature.
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To ensure a su�cient bonding of the weld, a number of experimental studies have
been dedicated to investigate the e�ect of the weld current, the hold time and the
axial load applied during welding (Sawhill and Furr, 1981; Han and Indacochea, 1993;
Han et al., 1993; Marya and Gayden, 2005). In particular, the e�ect of the weld
parameters on the spot weld size has been studied extensively, since the weld size is
typically linked, through empirical relations, to the ultimate tensile load as well as
the corresponding displacement found during destructive testing (Wung et al., 2001;
Marya et al., 2006; Sun et al., 2008). For spot welded sheet metal, failure near the
welded joint occurs either as a so-called nugget-pull-out (plug failure), where the
weld nugget is torn out of the welded sheets [P3], or as an interfacial failure along
the weld interface (Marya et al., 2006; Pouranvari et al., 2007, [P4], [P5]). The
plug failure mode is considered the only acceptable failure mode in most industries.
Thus, a number of analytical models to predict the transition from plug failure
to interfacial failure, in terms of a critical spot weld diameter, can be found in
the literature (VandenBossche, 1977; Smith, 1980). These simple models typically
rely on limit load analysis or stress state considerations, for example, with respect
to stress intensity factors near the weld, while similar experimental studies and
recommendations for estimating a spot weld size that ensures plug failure, can be
found in the literature (AWS, 2000; Pouranvari et al., 2007). Furthermore, a number
of investigations have been dedicated to study the stress state, such as the stress
intensity factors in the vicinity of the weld when subjected to typical load situations
(Zhang, 2003; Wang and Pan, 2005; Lin et al., 2007; Lin and Pan, 2008), as well as
to develop stress based failure criteria (Lin et al., 2002, 2003). These simple failure
criteria are typically combined with large scale “nite element models, for example,
for car crash simulations (Salvini et al., 2000; Song et al., 2006).

A large number of experimental and numerical studies on fatigue life of spot
welded joints can be found in the literature (Salvini et al., 2000; Ning and Sheppard,
2002; Rathbun et al., 2003; Long and Khanna, 2007), while far less numerical stud-
ies of destructive testing are found (Markiewicz et al., 2001; Lin et al., 2006).
Markiewicz et al. (2001) studied the failure of spot welds undergoing either shear-lab,
cross-tension or peel testing in a combined experimental and numerical study, with
focus on predicting the measured tensile response when using the Gurson model.
Lin et al. (2006) studied failure of single spot welded shear-lab specimens in a part
analytical and part numerical study. However, using a J2-”ow model Lin et al.
(2006) restricted their numerical analysis of plastic ”ow localization to 2D plane
strain specimens, leaving out 3D e�ects.

The aim of the present work is to contribute to the understanding of the mecha-
nisms governing ductile failure of RSW joints when subject to loading during com-
monly used static testing techniques (shear-lab and cross-tension testing). A 3D
numerical study of single spot welded shear-lab test specimens is presented in [P3].
The predicted tensile response and failure mode is here compared with experimental
observations, while a purely numerical study is carried out to clarify the geometrical
factors in”uencing the plug failure mode ([P3], [P4]). Based on these predictions, a
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shear-modi“ed Gurson model is applied to predict both the plug failure and the in-
terfacial shear failure mode [P5]. A simple extension to the existing shear-modi“ed
Gurson model is here suggested to better represent damage development at high
stress triaxiality. Additionally, the e�ect of void shape evolution as well as the e�ect
of signi“cant weld defects on the tensile response during shear-lab and cross-tension
testing are investigated in [P6].

(a)

(b)

Fig. 2.2 a) Typical resistance spot welding procedure showing clamped metal sheets
with applied weld current, I , and axial-load, F , b) fractured cross-section of resistance
spot welded joint in DP600-steel, showing the di�erent weld zones [P3]. The author
acknowledge Kim Pedersen and Anders Harthøj for the picture (Pedersen and Harthøj,
2008).



Chapter 3
Model description

This chapter describes the Gurson modelling approach used for the numerical simu-
lations of ductile failure presented in this thesis and in the associated publications
[P1]-[P9].

Section 3.1 brie”y presents the convected coordinate Lagrangian formulation
used during the development of the models.

Section 3.2 introduces the three versions of the Gurson type model which have
been implemented and used in this work. These are; i) the Gurson-Tvergaard-
Needleman model (Gurson, 1977; Tvergaard and Needleman, 1984), accounting
for spherical void growth; ii) the recent shear-modi“cations to the Gurson model
suggested by Nahshon and Hutchinson (2008) and in [P5]; and iii) the Gologanu-
Leblond-Devaux model, accounting for non-spherical void growth (Gologanu et al.,
1997; Pardoen and Hutchinson, 2000).

Section 3.3 brie”y presents the “nite element discretization of the “eld equations
as well as the numerical implementation and the solution procedure.

In the following, ( )ij and ( )ij denote the covariant and contravariant components
of a general tensor, respectively, and ( ),i denotes covariant di�erentiation in the
reference coordinate system, while�( ) denotes time di�erentiation. Repeated indices
imply summation of the range 1-3, and a bold character indicates a vector or a tensor
referring to the reference coordinate system.

3.1 Model framework

To account for “nite strains, a total Lagrangian formulation of the “eld equations
is employed. A convecting coordinate system, which serves as particle labels (� i ),
here follows the deformation of the material. This makes it possible to distinguish
between the current con“guration (the convected frame) and the reference con“gu-
ration (the reference frame). The reference frame can be chosen arbitrarily, thus
a Cartesian frame has be used as reference throughout this work. No limitations
are imposed on the material deformation and the convecting frame is therefore in
general neither Cartesian nor orthogonal. Thus, curvilinear coordinates are applied,
and a general tensor notation is adopted in order to distinguish between covariant
and contravariant components. All convected quantities are marked with (�).

Let r and �r de“ne the position of a material point in the reference and the current
con“guration, respectively. The covariant base vectors are then given by

ei =
� r
�� i

, �ei =
� �r
�� i

= ei + uk
,i ek (3.1)

11
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with ui being the contravariant components of the displacements on the reference
base vectors (u = �r Š r = ui ei ). Using the base vectors, the metric tensors for the
reference and the convecting frame can be de“ned asgij = ei · ej and Gij = �ei · �ej ,
respectively, wheregij reduces to the Kronecker delta for a Cartesian frame. Thus,
the covariant and contravariant components coincide in the reference frame (gij =
gij ). Furthermore, Gr = |gij | and Gc = |Gij | are the determinants for the metric
tensors for the reference frame and the convecting frame, respectively.

Using the total Lagrangian formulation, the dynamic principle of virtual work
can be written in the reference state in terms of the Lagrangian strain,� ij , and
the work conjugate Kirchho� stress,� ij , as follows in Eq. (3.2), by integrating over
the volume, V, and surface,S, in the reference con“guration (Budiansky, 1964;
Hutchinson, 1973)

�

V
� ij �� ij dV =

�

S
Ti �u i dS Š

�

V
�

� 2ui

�t 2
�u i dV (3.2)

with

Ti = ( � ij + � kj ui
,k )vj (3.3)

� ij =
1
2

(Gij Š gij ) =
1
2

�
ui,j + uj,i + uk

,i uk,j
�

. (3.4)

The surface tractions,T i , the surface normal,vj , the displacements,ui , and the
material mass density,� , is here related to the reference frame, while the contravari-
ant components of the Kirchho� stress tensor,� ij , are given on the current base
vectors. As described by Budiansky (1964), the Kirchho� stress tensor,� ij , and the
corresponding stress rate, �� ij , can be written as

� ij =

�
Gc

Gr
� ij , �� ij =

�
Gc

Gr
�� ij + � ij Gkl �� kl (3.5)

where� ij is the Cauchy stress tensor (or the true stress) and �� ij is the Cauchy stress
rate on the current base vectors, while

�
Gc/G r is the ratio between the reference

and the current volume (= d�V /dV). For conventional plasticity (no damage), only
the elastic material properties contribute to the volume change, which often can be
neglected (� ij � � ij ). However, due to the damage evolution, a considerable volume
change can occur; hence,� ij �= � ij since

�
Gc/G r �= 1.

The Lagrangian strain rate is taken to be the sum of an elastic, �� E
ij , and a plastic,

�� p
ij , contribution. Hence, �� ij = �� E

ij + �� p
ij . Using the elastic relationship, �� ij = L ijkl �� E

kl ,
suggested in Tvergaard (1990), the constitutive relation can thus be written as

�� ij = L ijkl ( �� kl Š �� p
kl ) (3.6)

with
�� ij = �� ij +

1
2

�
Gik � jl + Gjk � il + Gil � jk + Gjl � ik

�
�� kl (3.7)
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L ijkl =
E

1 + 	

�
1
2

�
Gik Gjl + Gil Gjk

�
+

	
1 Š 2	

Gij Gkl

�
(3.8)

where �� ij is the Jaumann rate of the Cauchy stress tensor,E is the Young•s modu-
lus, and 	 is the Poisson ratio. The relations in Eqs. (3.6)-(3.8), do not give a true
representation of the elastic material behaviour, since it cannot be derived from an
elastic energy potential (called hypo-elastic). However, this is considered a reason-
able approximation since the elastic contribution to the total straining is typically
very small (Tvergaard, 1990).

3.2 Damage models

The damage models used in this thesis are based on the pioneering work of Gurson
(1977) for ductile materials containing a certain volume fraction of voids,f . Based
on an upper-bound solution for voids on the micro-level, Gurson (1977) formulated a
macroscopic yield surface for porous materials, using only the void volume fraction,
f , to approximately account for damage development. A continuous development
of this micro-mechanics based damage model can be found in the literature (as
discussed in section 1.1). The three versions of the Gurson model used in this work
are presented in the following sections 3.2.1-3.2.3. The material is here assumed
isotropic hardening, but the model has also been formulated for kinematic hardening
materials by Mear and Hutchinson (1985).

Following the Gurson modelling approach, a macroscopic and microscopic level
of the material is introduced. On the macro-level, the stress and strain components
presented in section 3.1 are assumed to describe the average “elds over the material
(including the voids), while on the micro-level, the matrix material surrounding the
voids are assumed to follow the behaviour of an isotropic Mises material. Thus,
a microscopic reference stress,� M , is de“ned, together with a corresponding mi-
croscopic plastic strain,
 p

M , which are related through a prede“ned hardening law,
g(
 p

M ). The macroscopic and microscopic level of the material is then coupled by
the assumption of equal plastic work rate on the two levels

� ij �� p
ij = (1 Š f )� M �
 p

M . (3.9)

Using Eq. (3.9), the plastic part of the Lagrangian strain rate, �� p
ij , can be derived

from the current potential surface as

�� p
ij = �

� �
�� ij

, � = (1 Š f )� M �
 p
M

�
� ij � �

�� ij

� Š 1

. (3.10)

In the present work, the microscopic plastic strain rate, �
 p
M , is assumed to be

governed by the power law in Eq. (3.11)a. Thus, the material is represented as
elastic-viscoplastic, where the Gurson yield surface is used as plastic potential (po-
tential surface). In publications [P1]-[P6], the material is chosen to follow the power



14 Chapter 3 Model description

hardening law shown in Eq. (3.11)b, while a more physics based hardening law has
been used in [P7]-[P9].

�
 p
M = �
 0

�
� M

g(
 p
M )

� 1/m

, g(
 p
M ) = � y

	
1 +

E
 p
M

� y


 N

. (3.11)

The elastic-viscoplastic formulation is here used for the convenience of the imple-
mentation, thus throughout the work, the strain rate hardening exponent,m, is
chosen small in order to limit the viscous material behaviour.

3.2.1 Gurson-Tvergaard-Needleman model

The classical Gurson model (Gurson-Tvergaard-Needleman model, Eq. (3.12)-(3.14)),
accounting for spherical void growth, is well-known to be a good approximation of
the micro-mechanisms governing ductile failure at reasonable high stress triaxiality
(Koplik and Needleman, 1988). Voids here remain rather spherical, and the poro-
sity evolution is well described by the Gurson assumptions. However, the Gurson-
Tvergaard-Needleman model is also widely used to approximate damage develop-
ment even at moderate (or rather low) stress triaxiality, where void shape e�ects
are known to occur. The model can, in such cases, be adjusted to give a reasonable
description of the material by considering the void volume fraction,f , as an e�ective
value. But at zero mean stress, no void growth is predicted by the Gurson model.

The yield surface, originally formulated by Gurson (1977), has the form shown in
Eq. (3.12), but with q1 = q2 = 1 and f � = f . In this form, the model overestimates
the load carrying capacity of the material as damage develops. Thus, based on cell
model studies, Tvergaard (1981, 1982b) suggested the current form of the potential
surface (in Eq. (3.12)) by introducing theq-parameters. Tvergaard (1981, 1982b)
estimated these parameters toq1 = 1.5 and q2 = 1. Later, q1 was determined
to 1.47 in an analytical study by Perrin and Leblond (1990). Furthermore, the
original Gurson model largely overestimates the critical strain for the loss in stress
carrying capacity due to coalescence of neighbouring voids in real materials (or
cell model studies). To approximately account for this mechanism, Tvergaard and
Needleman (1984) introduced the rather simple (but e�cient) void coalescence model
in Eq. (3.13).

� =
� 2

e

� 2
M

+ 2q1f � cosh
	

q2

2
� k

k

� M



Š [1 + ( q2

1f � )2] = 0 (3.12)

with

f � (f ) =

�
f for f � f c

f c + K (f Š f c) for f > f c
(3.13)

where K = ( f U Š f c)/ (f f Š f c) and f U = 1/q1, as suggested by Tvergaard and
Needleman (1984). Thus, the onset of void coalescence is assumed to occur as the
critical volume fraction, f c, is reached. The accelerated void growth is then governed
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by the constant K , which typically is in the range of 3 to 8 (Pineau and Pardoen,
2007). For f � f f , the Gurson yield surface shrinks to a point in stress space (see
Fig. 3.1), and a complete loss in stress carrying capacity is reached for the material.
Thus, in applying the model for numerical analysis, some precautions need to be
taken for the model to be stable (see section 3.3.4). It is noted that Eq. (3.12)
reduces to the Mises potential surface whenf = 0.

Using the Gurson-Tvergaard-Needleman model, the void volume growth rate
takes the form

�f =(1 Š f )Gij �� p
ij + (1 Š � v)D �
 p

M + � vB( �� M + �� k
k / 3) (3.14)

where the “rst term, representing the growth of existing voids, follows from plastic
incompressibility, while the second and third terms describe void nucleation go-
verned by either the plastic straining or the stress state of the material, respectively
(Needleman and Rice, 1978; Chu and Needleman, 1980). A parameter,� v � [0, 1],
is here introduced to control the nucleation mechanism.

3.2.2 Shear-modi“cation by Nahshon and Hutchinson

For zero or negative stress triaxiality, the Gurson type models, such as the Gurson-
Tvergaard-Needleman model (Gurson, 1977; Tvergaard, 1981, 1982b; Tvergaard and
Needleman, 1984), predict no increase in damage, if void nucleation is neglected.
However, continued softening and failure are known to occur at low stress triaxia-
lity shearing (Barsoum and Faleskog, 2007; Jodlowski, 2009; Xue et al., 2009). In
a recent study, Tvergaard (2008, 2009) clearly illustrated this numerically as be-
ing due to the collapse, rotation, and coalescence of microvoids in a shear-“eld.
To mimic this softening mechanism, Nahshon and Hutchinson (2008) recently in-
troduced a phenomenological modi“cation of the damage growth rate,�f , to the
Gurson-Tvergaard-Needleman model, which can be written as in Eqs. (3.15)-(3.16).
Since this modi“cation is purely phenomenological, thusf should be considered
either as an e�ective void volume fraction or simply a damage parameter.

�f =(1 Š f )Gij �� p
ij + (1 Š � v)D �
 p

M + � vB( �� M + �� k
k / 3) + k� f � 0

sij �� p
ij

� e� � �
Shear-modi“cation

(3.15)

with

� 0 = � (��� ) = 1 Š
	

27J3

2� 3
e


 2

, J3 =
1
3

Gij skj sil slk . (3.16)

The modi“cation in Eq. (3.15) is formulated to be consistent with the mechanism
of void softening in shear and introduces only one additional model parameter,k� ,
which was estimated by Nahshon and Hutchinson (2008) to be in the range of 0 to 3.
This additional parameter, k� , is de“ned by Nahshon and Hutchinson (2008) to set
the magnitude of the damage growth rate in pure shear, while� (��� ) is formulated to
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vanish at an axi-symmetric stress state so that the modi“ed model coincides with
the original Gurson model assumptions. Consequently, it can be shown that� (��� )
lies in the interval � (��� ) � [0, 1], with � (��� ) = 0 for an axi-symmetric stress state,
and � (��� ) = 1 for all stress states combined by shear and hydrostatic pressure.

Using the shear-modi“ed void growth rate in Eq. (3.15), a continued increase of
the last term takes place, even at zero mean stress. However, as discussed in [P2]
and [P5], the shear-modi“cation has a too large e�ect in some cases of rather high
stress triaxiality, where it is reasonable to expect the micro-mechanics based Gurson
model to give a su�ciently accurate description. A simple extension is therefore
introduced in [P5] to better represent the damage development at moderate to high
stress triaxiality. The extension is introduced by letting the parameter� 0 depend
on the level of the stress triaxiality,T = � k

k / (3� e), so that

� 0 = � (��� )�( T) , with �( T) =

�
�

�

1 T < T1

(T Š T2)/ (T1 Š T2) T1 � T � T2

0 T > T2

(3.17)

where T1 < T 2, while � (��� ) is given by Eq. (3.16)a. The interpolation means that
the model of Nahshon and Hutchinson (2008) is used forT � T1, while the Gurson-
Tvergaard-Needleman model is used forT � T2. Thus, with the extension in
Eq. (3.17), the well-known features of the Gurson model are preserved at higher
stress triaxialities, while the possibility of also predicting shear failure at low stress
triaxiality is included. The parametersT1 and T2 are to be estimated to “x the tran-
sition. Tvergaard and Nielsen (2009) very recently compared this phenomenological
model to cell model predictions for a range of stress triaxialities. It was found that
including Eq. (3.17) enhances the accuracy of the shear-modi“ed model.

3.2.3 Gologanu-Leblond-Devaux model

The damage evolution in real materials is a complex issue, involving signi“cant
void shape changes at moderate (or low) stress triaxiality. To deal with the limi-
tation of spherical void growth in the Gurson model, Gologanu et al. (1993, 1994,
1997) reformulated the model to approximately account for the growth of spheroidal
voids in perfectly plastic materials. This strong micro-mechanics based improvement
of the Gurson model has become widely known as the Gologanu-Leblond-Devaux
model and has been the subject of numerous studies. Based on cell models studies,
Pardoen and Hutchinson (2000) extended the Gologanu-Leblond-Devaux model to
strain hardening materials by introducing aq-parameter, similar to the Tvergaard
parameters (q1, q2) for the original Gurson model, but now depending on the initial
porosity, f 0, the initial void shape,S0, and the hardening exponent,N (see Lassance
et al. (2007) or appendix A). This extended Gurson model is used in publications
[P6]-[P9].
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Fig. 3.1 Potential surface dependence on the generalized hydrostatic tension,� gh/� M ,
based on the Gologanu-Leblond-Devaux model (GLD-model) for di�erent values off � (f ),

and q = 1 (Tvergaard, 1990). For spherical voids (W = 1, B 0
� M

= � e
� M

, � gh
� M

= � k
k

3� M
), this

model reduces to the Gurson-Tvergaard-Needleman (see also [P6]).

Following the Gurson modelling approach described in section 3.2, the potential
surface for the Gologanu-Leblond-Devaux model takes the form

� = C
B 2

0

� 2
M

+ 2q(g + 1)( g + f � ) cosh
	


� gh

� M



Š (g + 1) 2 Š q2(g + f � )2 = 0 (3.18)

wheref � = f � (f ) is given by Eq. (3.13), whileB0 =
�

3�sij �sij / 2 is the Mises reference
stress of the corrected stress deviators, �sij = sij + �� ghX ij , with sij being the
deviatoric part of the Cauchy stress tensor,� ij , and � gh = � ij Jij is the generalized
hydrostatic stress. As for the Gurson model, the potential surface for the Gologanu-
Leblond-Devaux model shrinks to a point in stress space asf � f f (see Fig. 3.1).
Thus, the element vanishing technique described in section 3.3.4 is applied in the
developed FE-model to limit numerical di�culties. Using the simple void coalescence
model in Eq. (3.13), it can be shown thatf f = ( f U Š f c)/K + f c, with f U =
(g + 1) /q Š g (g = 0 for spherical voids, see also Jinkook et al., 2007).

The potential surface parametersC, g, � ,  , � 1, and � 2 derived by Gologanu
et al. (1997) all depend on the current void shape factor,S, and void volume fraction,
f (see appendix A). The void shape factor of the spheroidal void is de“ned as
S = ln( W) = ln( R1/R 2), whereR1 is the •radiusŽ along the main cavity axis of the
void, and R2 = R3 is the length of the second axis (see appendixes A and B). Thus,
S > 0 corresponds to a prolate void, whileS < 0 is an oblate void.

The void volume growth rate, �f , here corresponds to that of the Gurson-Tvergaard-
Needleman model in Eq. (3.14), while the rate of the void shape factor,�S, takes the
form

�S =
3
2

(1 + h1hT )
	

�� p
ij Š

1
3

Gij Gkl �� p
kl



P ij

d + h2Gij �� p
ij (3.19)

where h1 and h2 are derived in Gologanu et al. (1997) as Eq. (3.20), andhT =
1 Š 0.555T2 Š 0.045T4 + 0.00200T6 has been adjusted by Pardoen and Hutchinson
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(2000), based on cell model studies for a power hardening material withN = 0.1
(and T = � k

k / (3� e) < 4).

h1 =
9
2

� 1 Š � G
1

1 Š 3� 1

�
1 Š

�
f

� 2
and h2 =

1 Š 3� 1

f
+ 3� 2 Š 1. (3.20)

Furthermore, the second-order direction tensorsJij , X ij , and Pij
d given on the

convecting base vectors, for the spheroidal void, are de“ned by Gologanu et al.
(1997) in the reference frame as

PPPd = nnn1 	 nnn1 (3.21)

JJJ = (1 Š 2� 2)nnn1 	 nnn1 + � 2 (nnn2 	 nnn2 + nnn3 	 nnn3) (3.22)

XXX =
1
3

(2nnn1 	 nnn1 Š nnn2 	 nnn2 Š nnn3 	 nnn3) (3.23)

where (nnn1,nnn2,nnn3) is an orthonormal basis specifying the orientation of the void axes
with respect to the reference frame (see appendix B), while	 denotes the tensor
product. In this study, the main cavity axis of the voids is chosen to follow a
vector inscribed in the material, for example, the direction of the “rst based vector
of the convecting coordinate system,�eee1. Thus, the voids follow the convecting
coordinate system, hence the rotation and deformation of the material, but remain
axi-symmetric. The second-order tensors (JJJ , XXX and PPPd) referring to the reference
frame may be transformed to the convected frame asJij = �eeei ·JJJ · �eeej , X ij = �eeei ·XXX · �eeej ,
and Pij

d = �eeei ·PPPd·�eeej . Here,�eeei and �eeei are the covariant and contravariant base vectors,
respectively, for the convecting coordinate system (see Eq. (3.1)).

The potential surface in Eq. (3.18), reduces to that of the Gurson-Tvergaard-
Needleman model in the limit of spherical voids (S � 0). However, the Gologanu-
Leblond-Devaux model inherits a singularity atS = 0 (see Eqs. (A.1)-(A.2) in
appendix A). Thus, some precautions had to be taken in the numerical model.

3.2.4 Void nucleation

The nucleation of primary voids in metallic materials, when subject to loading,
are typically governed by either decohesion at the particle-matrix interface of se-
cond phase particles (Pardoen et al., 1998) or fracture of the second phase particles
(Huber et al., 2005, [P7]). No decisive conclusion can be found in the literature
on what is governing these two mechanisms. In some cases, void nucleation ap-
pears to be controlled by the plastic straining, while, in other cases, it occurs as
the nucleation is stress controlled. In the present work, a plastic strain controlled
nucleation law (� v = 0) is employed in [P1]-[P6], while void nucleation is taken to
be stress controlled (� v = 1) in [P7]-[P9]. Following the widely used nucleation laws
suggested by Needleman and Rice (1978); Chu and Needleman (1980), as shown in
Eqs. (3.14) and (3.15), where the nucleation rate coe�cients (D and B) can either
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be based on the plastic straining

D =
f (ef f )
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(3.24)

or the stress state experience by the material

B =
f (ef f )

N

sN



2�

exp

�

Š
1
2

	
� M + � k

k / 3 Š � N

sN


 2
�

(3.25)

for � M + � k
k / 3 = ( � M + � k

k / 3)|max and (� M + � k
k / 3). > 0. (3.26)

For constant parameters, Eqs. (3.24) and (3.25) follow a normal distribution,
wheref (ef f )

N is the e�ective void volume fraction to be nucleated,sN is the standard
deviation, and 
 N is the mean nucleation strain. However, since the void nucleation
process takes place during an interval of plastic straining, a correction for the evolv-
ing void shape may be introduced when using the Gologanu-Leblond-Devaux model.
The two nucleation mechanisms, particle-matrix decohesion or particle fracture, may
thereby be approximately accounted for (see [P6] and [P7]). For particle-matrix de-
cohesion,f (ef f )

N = f N and W0 = 1 (initially spherical voids) are used, while void
nucleation governed by the fracture of particles in their equatorial planes is approxi-
mately accounted for withf (ef f )

N = f N W/W p and W0 = 0.01 (Lassance et al., 2007).
Here,Wp is the shape of the second phase particles.

3.2.5 Void coalescence

For distinct di�erences in the void volume fraction, the void shape and the stress-
strain conditions, a noticeable di�erence in the critical state at which void coale-
scence occurs, should be expected. E�orts to develop a reliable coalescence criterion
depending on such state variables can be found in the literature (Thomason, 1990;
Pardoen and Hutchinson, 2000; Benzerga, 2002; Scheyvaerts, 2008). However, a
constant critical void volume fraction, f c, is adopted in [P1]-[P6], while the coale-
scence criterion by Thomason (1990) is used in [P7]-[P9] in an attempt to develop
a •completeŽ Gurson model for the material. The critical void volume fraction,f c,
corresponding to the onset of void coalescence is here obtained from the Thomason
criterion in Eq. (3.27)1 (Thomason, 1990; Pardoen and Hutchinson, 2000).

� n

� M
� (1 Š X 2)

�

� (
 u)
	

1 Š X 2

X W


 2

+ 1.24

�
1
X

�

(3.27)

where � (
 u) = 0 .1 + 0.217
 u + 4.8
 2
u is estimated by Pardoen and Hutchinson

(2000) based on cell model studies for strain hardening materials, with
 u being
the Considère strain. Furthermore, � n = � ij P ij

d is the stress component along the
main cavity axis of the void, W is the void aspect ratio, andX is the relative void
spacing (see appendix B).

1A typographical error in the Thomason criterion is corrected in Frabrègue and Pardoen (2009).
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3.3 Numerical formulation

3.3.1 Finite element discretization

The “nite element method is applied to approximate a solution to the “eld equations,
described in sections 3.1-3.2, in a prede“ned domain with given boundary conditions.
Thus, the total volume of the geometry considered is divided into a mesh of “nite
sub-volumes (ofK elements), such that

V =
K�

e=1

V(e) , S =
K�

e=1

S(e) (3.28)

with V(e) �= 0 for all elements and onlyS(e) = 0 for elements belonging to the surface
of the discretized volume. Each element •eŽ consists of a number of nodes, through
which it can be connected to neighbouring elements. For each node, a corresponding
shape function,N , is de“ned within the element, so that it takes the value unity in
the node to which it belongs and zero in all other nodes of the element. The shape
functions may then be used for interpolating “eld quantities between nodal values.
Thus, the displacement “eldui , the velocity “eld �ui , and the acceleration “eldüi ,
inside an element •eŽ can be expressed as

ui =
Fe�

n=1

N (n)
i D(n) , �ui =

Fe�

n=1

N (n)
i

�D(n) , üi =
Fe�

n=1

N (n)
i D̈ (n) (3.29)

where i = 1, 2, 3, refers to the components of the vector-“elds,Fe is the number
of degrees of freedom for the element,N (n)

i are the corresponding shape functions,
and D(n) , �D(n) , and D̈(n) are the nodal displacements, velocities, and accelerations,
respectively. With the shape functionsN (n)

i in Eq. (3.29) depending on the position
in the element, one may write the virtual displacements and virtual change in the
Lagrangian strain as

�u i =
Fe�

n=1

N (n)
i �D (n) , �� ij =

Fe�

n=1

E (n)
ij �D (n) (3.30)

with,

E (n)
ij =

1
2

�
N (n)

i,j + N (n)
j,i + uk

,i N
(n)
k,j + uk

,j N
(n)
k,i

�
(3.31)

Based on Eqs. (3.28)-(3.31), the “nite element method is used to discretize the
dynamic principle of virtual work in Eq. (3.2) and thus to integrate the “eld equa-
tions in the domain of the considered geometry. The dynamic principle of virtual
work then takes the form

K�

e=1

�
ŠPint

(n)

�
(e)

=
K�

e=1

�
Pext

(n)

�
(e)

Š
K�

e=1

Fe�

m=1

	
M(nm )

� 2D(m)

�t 2




(e)

(3.32)
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with,
�
ŠPint

(n)

�
(e)

=
�

V( e)

� ij E (n)
ij dV(e) (3.33)

�
Pext

(n)

�
(e)

=
�

S( e)

T i N (n)
i dS(e) (3.34)

�
M(nm )

�
(e)

=
�

V( e)

�N i
(m)N

(n)
i dV(e) (3.35)

where (ŠPint
(n) )(e) are the nodal forces from the internal stresses in the element,

(Pext
(n) )(e) are the external forces applied to the element, and (M(nm ))(e) is the consis-

tent element mass matrix. Rearranging Eq. (3.32) and performing the summation
over the elements, the total system of equations of motion thereby takes the form

F�

m=1

M tot
(nm )D̈

tot
(m) = Ptot

(n) , for n = 1, 2, ..., F (3.36)

whereF is the total number of degrees of freedom in the system, andPtot
(n) = Pint

(n) +
Pext

(n) are the residual forces driving the deformation. The time integration for the
equations of motion (Eq. (3.36)) is then performed by a standard explicit Newmark
� -procedure (� = 0, � = 0.5).

Dk+1 = Dk + � t �Dk +
1
2

(� t)2D̈k (3.37)

�Dk+1 = �Dk +
1
2

� tD̈k (3.38)

D̈k+1 = M Š 1Pk+1 (3.39)

�Dk+1 = �Dk+1 +
1
2

� tD̈k+1 . (3.40)

For this numerical procedure to be stable, the Courant condition2 must be ful“lled
(� t � � tCourant ). Thus, rather small time increments are normally needed. To
lower the calculation time in each increment, a lumped mass matrix is therefore
introduced in all models developed.

For the 2D plane strain model developed in [P2], 8 node isoparametric plane
elements are used, whereas corresponding 20 node isoparametric 3D elements are
used for all 3D models ([P1]-[P9]). A second-order description of the displacement
“eld is thereby ensured in all models, together with a linear variation of the state
variables across the elements. For the spatial integration, reduced Gauss quadrature
is used in all models, with 2× 2 × 2 Gauss points to evaluate the sti�ness integral
(2 × 2 in 2D) and 3× 3× 3 Gauss points to evaluate the mass matrix (3× 3 in 2D).
All models have been implemented in a parallel Fortran90 code using OpenMP (see
appendix C).

2� tCourant = min (L (e) )/c max , where min (L (e) ) is the minimum element length in the model,
and cmax is the maximum wave speed in the material.
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3.3.2 Forward gradient method

As a consequence of the strong non-linearity in the viscoplastic material model
(Eq. (3.11)a), small time increments are necessary to obtain numerical stability
(typically � t � 0.1� tCourant ). To increase the critical time increment, the for-
ward gradient method suggested by Peirce et al. (1984) is used. The microscopic
plastic strain rate is here expressed as a linear combination of the rate at timet
and t + � t, respectively. Thus, assuming that the total Lagrangian strain rate can
be written as �� ij = �� E

ij + �� p
ij and by using the Jaumann stress rate in Eqs. (3.6)-

(3.8), a forward gradient procedure for determining the Krichho� stress rate tensor,
�� ij , can be derived. This procedure is shown in appendix D for the Gologanu-
Leblond-Devaux model, while simpli“cation to reduce the procedure to that of the
Gurson-Tvergaard-Needleman model, with and without the shear-modi“cation in
section 3.2.2, is pointed out.

3.3.3 Correction of microscopic reference stress

Using the model formulation presented in sections 3.1-3.2, the microscopic stress
rate, �� M , can be derived from the current potential surface, �k , and updated as
� k+1

M = � k
M + � t �� k

M . However, in doing so, a small incremental error is introduced
since �� M will depend on� M , and the microscopic reference stress will therefore tend
to drift away from the real solution. To compensate for this incremental error, a
correction is introduced by adding the error �t �� � to the new potential surface �k+1

and then requiring equilibrium. Hence, � = � k+1 + � t �� � = 0. For the Gologanu-
Leblond-Devaux model, the correction can then be written as follows in Eq. (3.41),
which reduces to that of the Gurson-Tvergaard-Needleman model for�S = 0.

�� �
M = Š

�
� �

�� M

� Š 1 �
� �
�� ij

�� ij +
� �
�f

�f +
� �
�S

�S + � k+1 / � t
�

. (3.41)

The microscopic reference stress is “nally updated as� cor
M = � k+1

M + � t �� �
M , where

�� �
M << �� k

M . The partial derivatives for the potential surface are given in appendix A.

3.3.4 Element vanishing technique

As discussed in sections 3.2.1 and 3.2.3, a Gurson type potential surface shrinks to a
point in stress space due to the increase in the damage parameter,f . Thus, one may
experience numerical di�culties since the stress carrying capacity of an element is
reduced forf � f f . To deal with this, the element vanishing technique suggested
by Tvergaard (1982a) is applied in all models. Damage reachingf = 0.9f f in a
given Gauss point is here turned o�, while the element is •killedŽ when 3 of 8 Gauss
points have been turned o� (Tvergaard and Needleman, 2004). The material thereby
follows the Gurson model, including the coalescence model in Eq. (3.14), up to an
almost complete loss of stress carrying capacity atf = 0.9f f . The remaining forces
on the neighbouring elements are at this point so small that they may be stepped
down in the following 50 increments without in”uencing the response.



Chapter 4
Summary of results on friction stir welding

The main results from the publications [P1]-[P2] and [P7]-[P9] on ductile failure in
friction stir welded (FSW) joints subject to a static loading, are summarized in the
following chapter. The work presented in [P1]-[P2] serves as parametric studies of
the post-welding material condition [P1] as well as the e�ect of modifying the damage
model to account for ductile failure in shear [P2]. A more rigorous material-oriented
study is presented in [P7] as an attempt to characterize the 6005A aluminum alloy
and to develop a •completeŽ Gurson-type model for the material behaviour up to
failure. This model is then applied to FS-welded 6005A aluminum in [P8]-[P9].

Section 4.1 presents the main results for a numerical study of ductile failure in FS-
welded joints, in terms of the localization of plastic ”ow, the damage development,
and the evolution of stress triaxiality. These results are a part of a parametric study
of the e�ect of the local mechanical properties in the di�erent weld zones (BM, HAZ,
TMAZ and NG). Special attention is here on the yield stress variation transverse to
the weldline. Section 4.1 serves as a summary of [P1].

The work presented in [P1] is extended in [P2] to study the e�ect of a recent
shear-modi“cation of the Gurson model. The main results for the model predictions
in both 2D plane strain and full 3D are discussed. Section 4.2 summarizes the main
results of [P2].

The material characterization of the 6005A aluminum alloy and the evolution
of its mechanical properties during FS-welding are presented in section 4.3. Ex-
perimental “ndings are here combined with 3D numerical simulation and part of
the results on failure of FS-welded test specimens are presented. Section 4.3 is a
summary of [P7]-[P9].

4.1 Damage development in FS-welded joints and the e�ect
of local mechanical properties [P1]

The 2xxx and 6xxx series of aluminum alloys, considered in this thesis, are age
hardenable, thus their mechanical properties depend heavily on the composition
of the hardening precipitates, which can be optimized by heat treating the alloys
[P7]. However, the pre-tempering condition of the materials is severely disrupted
by the heating coming from the welding process. Thus, a dramatic change of the
mechanical properties occurs locally in the weld region. For high strength tempering
condition of the 2xxx and 6xxx series, one typically observe a signi“cant drop in
hardness in the weld region (Yang et al., 2004; Mishra and Ma, 2005). This is due
to the dissolution (in the nugget) or growth (in the HAZ) of hardening precipitates,

23
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Fig. 4.1 a) Illustration of FS-welded plate from which the macro-specimens are cut out
transverse to the weldline, while the micro-specimens are cut from di�erent weld zones
along the weldline. b) Characteristic hardness/yield stress variation transverse to the
weldline modelled at the crown, root and middle of the weld cross-section (inx1x2-plane)
(b0 = 25 mm is the plate thickness in x2-direction, � (b)

y = 380 MPa, � (T HAZ )
y and � (NG )

y

are the yield stress of the base material, the TMAZ and the NG, respectively).

which lead to a less optimal composition of precipitates and thereby to a drop in
strength, typically associated with an increase in ductility (see also [P7]). A slight
gain in strength can, however, be observed in the weld nugget due to the formation
of dispersöšds and renewed growth of precipitates from the dissolved state during the
weld heat treatment or simply during natural aging. This results in a characteristic
U or W-shaped hardness/yield stress pro“le, typical for FS-welds in high strength
aluminum (see Fig. 4.1b). The yield stress is here assumed to be linearly related
to the hardness of the material. The size of the weld region and the variation of
the mechanical properties are, however, known to be a�ected by process parameters
such as the advancing weld speed,v, or the rotational speed,r (Hui-jie et al., 2004;
Liu and Chao, 2005, and [P9]). Thus, a parametrized variation of the mechanical
properties transverse to the weldline is considered in [P1] in order to study the e�ect
of the local properties on plastic ”ow localization and damage development when the
weld is subjected to tension transverse to the weldline. Special attention is here on
the variation of the yield stress, while a similar study of the e�ect of the distribution
of particles, from which voids can nucleate, is presented in [P1].

The macro-specimens considered in the numerical study in [P1] are illustrated
in Fig. 4.1a. These specimens contain the welded joint and are loaded in tension
transverse to the weldline. The numerical analyses presented in [P1] are carried
out in both 2D plane strain and in full 3D, using the Gurson-Tvergaard-Needleman
model presented in section 3.2.1, with strain controlled void nucleation (� v = 0 in
Eq. (3.14)). No di�erence between the advancing and retreating side of the weld is
assumed here and all residual stresses are neglected. The geometry of the welded
macro-specimen and the initial yield stress variation in the weld region are estimated
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from the experimental work presented by Fonda and Bingert (2004); Yang et al.
(2004); Genevois et al. (2004); Liu and Chao (2005), while an empirical relation
for the strain hardening is introduced to approximately account for the increase in
ductility when lowering the yield stress in the weld region (see [P1]).

Fig. 4.2 shows a typical failure predicted for FS-welded macro-specimen of high
strength aluminum. The results are here shown for a cross-section of a macro-
specimen, constrained to 2D plane strain, with the yield stress variation speci“ed
by � (T MAZ )

y /� (b)
y = 0.8 and � (NG )

y /� (b)
y = 0.9 (see Fig. 4.1b or [P1]). When the weld

is subjected to tension, failure is predicted to develop as follows. Void nucleation
initiates in the TMAZ near the root of the weld, where also the largest plastic
strain is predicted. Upon further loading of the specimen, plastic ”ow localizes near
the region of lowest yield stress, which eventually leads to failure in that region
(see Fig. 4.2a). During the localization, a region of relatively high stress triaxiality
builds up in the TMAZ due to the constraint on the plastic ”ow, while the stress
triaxiality is lower in the surrounding material (see Fig. 4.2c). Thus, failure occurs
in a shear band-like region at a moderate level of stress triaxiality for this speci“c
yield stress pro“le.

The local mechanical properties are, however, found to strongly a�ect the pre-
dicted localization of plastic ”ow, thus the failure mode, and it is shown in [P1] that
ductile failure can occur outside the region of lowest yield stress. Fig. 4.3 shows the
evolution of damage for three di�erent levels of yield stress in the weld nugget, while
the yield stress in the TMAZ is kept constant. By changing the yield stress varia-
tion transverse to the weldline, a clear change in the failure mechanism is observed.
However, the nucleation of voids is in all cases predicted to initiate in the TMAZ, at
the root of the weld, while further void nucleation and growth are governed either

Fig. 4.2 Cross-section of a plane strain macro-specimen, showing curves of constant
a) void volume fraction, f , b) stress triaxiality, T = � k

k / (3� e), at global average strain
� = 0 .108, with constant f N = 0 .04 and f c = 0 .075.
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by necking of the specimen, or by localization of plastic ”ow in a shear band-like
region (see Fig. 4.3). It is seen that, if� (NG )

y is comparable to� (T MAZ )
y then failure

clearly occurs in the weld nugget as a consequence of the local necking of the tensile
specimen (see Fig. 4.3a), while for increasing� (NG )

y the failure occurs in the TMAZ
instead. This agrees with the experimental “ndings by Hui-jie et al. (2004); Liu and
Chao (2005), where the position of failure is shown to move towards the weldline
as � (T MAZ )

y becomes comparable to� (NG )
y when changing the process parameters.

However, these experimental observations were also in”uenced by a change in size
of the di�erent weld zones, which is not accounted for in this parametric study.

It is shown in [P1], that the predicted change in the failure mechanism a�ects
the overall tensile response of the specimens, thus the average strain at which the
weld loses the load carrying capacity. The lowest average strain at failure was here
predicted for the two extremities� (NG )

y = � (T MAZ )
y and � (NG )

y = � (b)
y (� (T MAZ )

y /� (b)
y

kept “xed), since the plastic ”ow localizes in a rather con“ned region of the weld.
Similar results were found for the specimens studied in full 3D (see [P1]). How-

ever, due to the free surfaces, thus less constraint on the deformation, a lower ul-
timated load and lower level of stress triaxiality were predicted. In addition, 3D
e�ects of the plastic ”ow localization, such as maximum triaxiality and maximum
damage development in the middle of the specimen were captured.

Fig. 4.3 Cross-section of 2D plane strain macro-specimens, showing curves of constant
void volume fraction at � = 0 .1056, a) � (NG )

y /� (b)
y = 0 .85, b) � (NG )

y /� (b)
y = 0 .875, c)

� (NG )
y /� (b)

y = 0 .9, with f N = 0 .04, f c = 0 .075, � (T MAZ )
y /� (b)

y = 0 .8 and � (b)
y = 380 MPa.
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4.2 E�ect of shear-modi“ed Gurson model [P2]

The parametric study of the e�ect of the local mechanical properties presented in
[P1], is extended in [P2] in order to study the recently proposed shear-modi“cation
to the Gurson model by Nahshon and Hutchinson (2008) (see section 3.2.2). A
number of di�erent macro-specimen geometries are considered and the material
properties estimated in [P1] are used. In this study, two extreme cases for the
yield stress pro“le shown in Fig. 4.1b are considered in order to ensure plastic ”ow
localization in either a shear band-like failure,� (NG )

y /� (b)
y = 1, or a neck governed

failure, � (NG )
y /� (b)

y = 0.8, both with � (T MAZ )
y /� (b)

y = 0.8. As discussed in [P1], ductile
failure of welded macro-specimens develops at moderate stress triaxiality, thus the
shear-modi“cation by Nahshon and Hutchinson (2008) is naturally applied. Only
the results for the shear band-like failure are presented here, but similar results were
found for the neck governed failure (see [P2]).

The e�ect of the shear-term in Eq. (3.15) is, to a wide extent, controlled by
the parameter � (��� ), which depends on the current stress state. For the macro-
specimens modelled in 3D with free boundaries, but loaded in uni-axial tension, it
can be shown that� (��� ) = 0 in both the elastic and the plastic domain. Thus, in
order for the shear-modi“cation to contribute to the damage growth, a change in

Fig. 4.4 Deformed 3D macro-specimens at� = 0 .1648 showing curves of constant a)
shear parameter � (��� ), b) total damage f , c) contribution to total damage from shear-
term f Modif ication . (� (NG )

y /� (b)
y = 1, k� = 3, w0 = 2b0, b0 = 25 mm is the plate thickness).

Symmetry conditions are applied atx1 = 0 and x3 = 0, while loaded in tension at x1 = L 0.
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Fig. 4.5 Load vs. average axial strain curves for 2D plane strain and 3D macro-specimens,
showing the e�ect of the shear-term during the shear band-like failure (� (NG )

y /� (b)
y = 1).

the local stress state is required. As plastic ”ow localizes in the weld region, a stress
component builds up along the weld due to the constraint on the plastic ”ow. This
alters the local stress state su�ciently such that � (��� ) grow di�erent from zero. It
is seen from Fig. 4.4a that a region of rather high values of� (��� ) builds up near the
TMAZ during the localization in a shear band-like failure. This change in� (��� ) is
directly re”ected in a noticeable damage contribution from the shear-term, which is
located in a region inclined to the tensile direction (see Fig. 4.4c). The location of
the additional damage growth is, however, heavily dependent on the void nucleation
due to an incorporated dependency on already existing damage in the shear-term
(see Eq. (3.15)).

For “xed coalescence parameters (f c in Eq. (3.13)), any additional contribution
to damage gives earlier failure. This is also seen in Fig. 4.5, where an earlier loss
in load carrying capacity is predicted when using the shear-modi“ed Gurson model
(k� = 3) compared to the original Gurson-Tvergaard-Needleman model (k� = 0).
The e�ect of the shear-term is furthermore seen to increase for increasing specimen
width, w0, which is due to the enhanced constraint on the plastic ”ow in the region
of localization. As seen in Fig. 4.5, the largest e�ect of the shear-term is found
when constraining the specimen to plane strain. For plane strain uni-axial tension,
one “nds that � (��� ) = 1 for the stationary stress state in the plastic domain. The
shear-term in Eq. (3.15) is therefore non-zero iff > 0, even though no shear is
present (see Fig. 1 in [P2]). A further study of the e�ect of the shear-modi“cation
for welded macro-specimens at plane strain is presented in [P2].

The shear modi“cation proposed by Nahshon and Hutchinson (2008) has the
important e�ect of being able to predict failure at very low stress triaxiality, where
the usual Gurson-type models does not perform well. However, as seen in Fig. 4.5,
this shear-modi“cation contributes to damage even at rather high stress triaxiality,
where there is no reason to add to the micro-mechanics based Gurson model. This
is further discussed in section 5.2, where a summary of [P5] is presented.
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4.3 A •CompleteŽ Gurson model for 6005A aluminum and
its applications to FS welds [P7]-[P9]

The strain hardening behaviour and the damage mechanisms governing ductile fail-
ure are investigated in a combined experimental and numerical study for a wide
range of isothermally heat treated 6005A aluminum [P7]. Based on the experimen-
tal “ndings an attempt to develop a •completeŽ Gurson-type model, relying mostly
on model parameters linked to the relevant microstructural features, is presented.
This model is based on the “nite element implementation of the Gologanu-Leblond-
Devaux model presented in [P6] (see section 5.3). The results for the evolution
of the mechanical properties during di�erent heat treatments and the developed
model are then used to predict plastic ”ow localization and failure in FS-welded
macro-specimens of the 6005A aluminum alloy [P8] and [P9].

4.3.1 Material characterization by isothermal heat treatments [P7]

The 6005A aluminum alloy is age hardenable with the precipitation sequence: Super-
saturated Solid Solution� Guinier Preston (GP) zones� � �� � � �(+B �) � � (Mg2Si),
where� �� and � � are the strengthening precipitates (Edwards et al., 1998). Thus, a
peak hardness/strength can be attained for an optimal size of precipitates, which
closely corresponds to a T6 tempering state. Figs. 4.6a-b shows the microstructure
of a T6 material and a heavily over-aged material which has been heat treated at
300� C for 13 days. The T6 material shows a random distribution of iron-rich partic-
les (white), while the smaller strengthening precipitates cannot be observed at this

Fig. 4.6 Scanning electron microscope (SEM) micrographs showing the microstructure
of a) the T6 state, b) the long (13 days) time heat treatment at 300� C, c) broken particle
at an early (insert) and a late stage of the deformation for a heat treated sample at 300� C
in 5 minutes, and fracture surface of d) as-received T6 state, e) heat treated sample for 5
minutes at 300� C.
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involving both a stage III (linear in ( g(� p

M ) Š � y)) and a smooth transition to stage IV
(constant in (g(� p

M ) Š � y)). The Voce equation is shown “tted to an experimentally
measured tensile response curve for 6005A aluminum tempered at 300� C for 13 days.

level of magni“cation (Fig. 4.6a). A similar volume fraction of iron-rich particles
was found for the over-aged material (Fig. 4.6b), together with a high number of
other particles (black), which were identi“ed as Si or Mg2Si particles. These Si-rich
particles were concluded not to act as void nucleation sites.

The overall ”ow stress for the di�erent heat treated specimens was determined
from measured uni-axial tensile curves. The plastic slope,�g (
 p

M )/�
 p
M , was here

found to decrease linearly with (g(
 p
M ) Š � y) when the ”ow stress,g(
 p

M ), exceeded
the yield stress, � y, for all heat treated specimens (see Fig. 4.7). As described
by Mecking and Kocks (1981); Estrin and Mecking (1984); Simar et al. (2007a),
this hardening stage (referred to as stage III) is related to the competition between
dislocation accumulation and dynamic recovery. Thus, using the Voce hardening law
in Eqs. (4.1)-(4.2) with � IV = 0, one can directly relate the parameters� 0 and � 0 to
the dislocation storage rate and the dynamic recovery rate, respectively. However, a
constant hardening stage was experimentally observed at large plastic strain for the
6005A alloy (see Fig. 4.7). Hence, the heuristically extended Voce equation by Liu
(1996) accounting for a smooth transition to a constant stage IV hardening has been
rewritten and applied as (see also [P7])

g(
 p
M ) = �

� (1 Š exp(Š�
 p
M )) + � y + � IV 
 p

M (4.1)

with
� = � 0 Š � IV and � = � 0

�
1 Š � IV � p

M |ch

g(� p
M )|ch Š � y

� Š 1
(4.2)

where we choseg(
 p
M )ch = ( g(
 p

M )|sat Š � y)/ 2 + � y with g(
 p
M )|sat = � 0/� 0 + � y being

the saturation stress for the stage III Voce equation (� IV = 0) (see Fig. 4.7). The
transition to a stage IV was directly observed prior to necking for heavily over-aged
materials (see Fig. 4.7), while the post-necking behaviour of the remaining specimens
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clearly indicated the need for a stage IV, when compared to the numerical model.
The evolution of � y, � 0, � 0 and � IV with heat treatment time can be found in [P7].

Void nucleation in 6005A aluminum was found to be governed by fracture of the
iron-rich particles (see insert in Fig. 4.6c). Thus, it is assumed that the primary voids
nucleate as very oblate (W0 = 0.01 in the model), which then evolve towards a pro-
late shape during the deformation (see Fig. 4.6c). To mimic the fracture of iron-rich
particles, void nucleation is assumed to be stress controlled in the numerical model
(� v = 1 in Eq. (3.14)) and to initiate when a critical stress level,� c = � N Š 3sN , is
exceeded. This critical stress is, however, di�cult to determine experimentally since
it is related to the fracture toughness of the iron-rich particle. Thus, the nucleation
parameters are here estimated, so that the trends for the experimentally measured
fracture strain of the di�erent heat treated specimens are reasonably captured by
the FE-model (see Fig. 4.8). Here, assuming void coalescence to be governed by
the Thomason criterion in Eq. (3.27). As seen in Fig. 4.8, the model was found
consistently to underestimate the measured fracture strain for realistic values of the
nucleation parameters, except for the T6 material which can be explained by the
presence of a second void population (see Fig. 4.6).

Fig. 4.6e presents a typical fracture surface observed for most of the heat treated
specimens, which clearly shows a ductile failure indicated by the large dimples
formed during growth and coalescence of primary voids. However, the fracture
surface of the high strength T6 material in Fig. 4.6d shows some evidence of a se-
cond population of smaller voids. These smaller voids were concluded to severely
a�ect the fracture strain (see Fig. 4.8 and the appendix in [P9]).

The stage IV hardening was found to have a “rst-order e�ect on the predicted
fracture strain, when assuming the stress controlled nucleation (in Eqs. (3.25)-(3.26))
and void coalescence to be determined by the Thomason criterion (in Eq. (3.27)).
Properly accounting for a stage IV hardening was thus found essential in order to
obtain reasonable predictions for the fracture strain of 6005A aluminum (see [P7]).
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Fig. 4.8 Measured and predicted fracture strain for the cylindrical specimens as function
of heat treatment time ( � f = ln( A0/A f ) and � c = ln( A0/A c), where A0 is the initial
cross-sectional area,Af is the area at “nal failure, Ac is the area at coalescence).
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4.3.2 The e�ect of stage IV hardening on plastic ”ow localization and damage in
FS-welded 6005A aluminum [P8]-[P9]

Plastic ”ow localization and failure in friction stir welded 6005A aluminum test
specimens are investigated in [P8] and [P9], using the •completeŽ Gurson model
developed in [P7]. Special focus is here on the e�ect of the local strain hardening
in the di�erent weld zones. The FS-welds considered are made of 6 mm 6005A alu-
minum sheets, welded in the as-received high strength T6 tempering state. Keeping
the rotational tool speed constant (r = 1000 rpm), two welding conditions denoted
as •hot• or •cold• are studied by letting the advancing tool speed,v, be either 200
or 1000 mm/min, respectively. The location of the di�erent weld zones (BM, HAZ,
TMAZ and NG) was identi“ed by Vickers hardness measurements. The main di�e-
rence between the two welding conditions is the extent of the HAZ, which has been
divided into a high (HAZ1) and a low strength (HAZ2) region (see Fig. 4.9).

The local material properties in the weld were determined from micro-specimens
cut along the weldline from the di�erent zones (see Fig. 4.1a). The thickness of the
specimens were here chosen to 0.8 mm to ensure a rather homogeneous material.
However, the small dimensions of the micro-specimens made them very sensitive to
imperfections and a number of the specimens broke outside the gauge section (Simar
et al., 2008). Hence, the procedure used in [P7] to determine� IV from the post-
necking tensile response was not applicable to these measurements. Instead,� IV is
based on an empirical correlation,K IV = � IV /
 u � 650 MPa, observed between the
Considère strain, 
 u, and the stage IV,� IV , for the heat treatments in [P7]. As seen

Fig. 4.9 Mechanical properties for the Voce hardening law in Eqs. (4.1)-(4.2) estimated
from the micro-specimens, showing the initial yield stress,� y, dislocation storage rate,� 0,
dynamic recovery rate, � 0, and approximated stage IV hardening, � IV , transverse to a)
the cold weld (v = 1000 mm/min) and b) the hot weld ( v = 200 mm/min), ( r = 1000
rpm).
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Fig. 4.10 Predicted and measured tensile response of macro-specimens containing a) the
cold weld (v = 1000 mm/min) and b) the hot weld ( v = 200 mm/min), ( r = 1000 rpm).

in Fig. 4.9, both welds show the characteristic U-shaped yield stress pro“le, with an
increase in ductility for the low strength regions (also assumed in [P1]).

The measured mechanical properties and weld topology were introduced in the
3D mesh of the macro-specimens considered in the FE-analysis, while tensile loading
was applied transverse to the weldline (see Fig. 4.1a). Fig. 4.10 shows the measured
and predicted tensile response (with/without stage IV) of the macro-specimens con-
taining either the cold or the hot weld. The predicted tensile response for both
welding conditions closely match the measured e�ective yield stress and the ulti-
mate tensile stress of the welds. Thus, the joint e�ciency,� uts /� y, is well predicted.
However, the post-localization response of the cold weld is severely overestimated
both with and without stage IV (see Fig. 4.9a). This is likely due to deviations in
the estimated weld topology. Studies have shown that over/under-estimating the
size of the di�erent weld zones in”uences the post-localization response.

To study the non-homogeneous deformation in the weld region, Digital Image
Correlation (DIC) analysis was performed on the transverse section of the macro-
specimens during tensile testing (see Fig. 4.11a). Comparing the predicted and the
measured local straining in Figs. 4.11b-e, a remarkably good agreement is found for
both welding conditions. The region of localization and the level of straining are
here very well predicted throughout the full deformation, both with and without ac-
counting for a stage IV hardening. However, by introducing the stage IV hardening,
a consistently higher level of the local straining is obtained.

As seen in Figs. 4.11d-e, failure occurs in the soft HAZ for both welding con-
ditions and a good prediction for this region is therefore of particular importance.
However, by ensuring a good agreement with the experimental results for the micro-
specimen extracted from the HAZ, a large overestimation of the fracture strain for
the BM and the NG was found. Based on SEM observation, this was concluded to
be due to the nucleation of a second population of voids in these zones. A parame-
tric study con“rmed that this second population of smaller voids can signi“cantly
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lower the fracture strain for the BM and NG without a�ecting the HAZ (see [P9]).
Furthermore, a comparison between the measured and predicted fracture strain

of the welds can be found in [P9]. Both the predicted level and change in the fracture
strain among the hot and the cold weld were improved when accounting for a stage
IV hardening. A consistent overestimation of 17-20% was here obtained, which is
acceptable considering that only physical model parameters are used.

A discussion of the evolution of the porosity, the stress triaxiality and the void
shape can be found in [P8] and [P9]. These results closely match those of the
parametric study presented in [P1] (see section 4.1).

Fig. 4.11 a) Deformed macro-specimen at�/� u = 1 .7 showing the predicted local strain,
� 11 = ln(1+ u1,1), on the outer-surface (also used for DIC measurements) for the cold weld
with K IV = � IV /� u = 650MPa. The curves (b-e) have been extracted along the dashed
horizontal line. DIC measurements and predicted local strain are shown in b-c) at necking
(�/� u = 1) and in d-e) at ( �/� u = 1 .3), for both weld conditions. Here, � u is the Considère
strain and � the global strain in the tensile direction. Note that the predicted localization
has been inverted for the hot weld (see [P9]) and that the curves (b-e) are shown in the
undeformed con“guration to identify the weak zone of the weld.



Chapter 5
Summary of results on resistance spot welding

The main results from the publications [P3]-[P6] on ductile failure of resistance
spot welds (RSW) subjected to loading during static testing are summarized in
this chapter. The commonly used shear-lab and cross-tension testing techniques for
single spot welded joints are considered in this work.

Section 5.1 presents a numerical study of ductile failure during shear-lab testing
of single spot welded joints, with some comparison to experimental measurements.
Special attention in the numerical study is devoted to the plastic ”ow localization
and damage development in the vicinity of the spot weld, as well as to how the
spot weld size and the specimen geometry a�ect the predicted tensile response.
Section 5.1 summarizes the main results of [P3] and [P4].

Two di�erent failure modes can be observed during shear-lab testing, which
are the tension-governed plug failure near the HAZ [P3] and the shear-dominated
interface failure in the weld nugget [P5]. The original Gurson model does not predict
void growth during the shear-dominated interface failure, thus the recent shear-
modi“cation suggested by Nahshon and Hutchinson (2008), has been applied in
[P5] and a further extension is proposed. Section 5.2 serves as a summary of [P5].

Finally, a comparison of i) the Gurson-Tvergaard-Needleman model, ii) the shear
extended model by Nahshon and Hutchinson (2008), and iii) the more complex
Gologanu-Leblond-Devaux model is presented in [P6]. The predicted tensile re-
sponse for both shear-lab and cross-tension test specimens are here presented and
discussed in relations to the void nucleation, void growth, and coalescence approxi-
mated in the di�erent models. Section 5.3 is a summary of [P6].

5.1 Modelling of plug failure in RS-welded shear-lab test
specimens [P3]-[P4]

The mechanisms governing the so-called nugget-pull-out failure (or plug failure),
where the spot weld is torn from the sheets during shear-lab testing, are studied
in [P3] and [P4]. A numerical investigation examines the damage evolution in the
vicinity of the welded joint as well as studies the e�ect of the specimen geome-
try on the test results. The shear-lab specimens consist of two overlapping metal
sheets, which are joined by a single spot weld in the mid-point of the overlap (AWS
(2000), see Fig. 5.1a). To estimate model parameters and to obtain measurements
for comparison with the model, specimens of 1.5 mm DP600 steel sheets have been
prepared using either a 6 mm or 8 mm diameter electrode and studied experimen-
tally by tensile testing, hardness measurements, and scanning electron microscopy
(SEM) observations1.

1This small experimental campaign was carried out in collaboration with Pedersen and Harthøj
(2008) as well as Kasper L. Friis and Trine C. Lomholt, funded by the INNOJoint-project

35
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(a) (b)

Fig. 5.1 a) Modelled shear-lab specimens for testing single spot welded DP600-steel.
b) Normalized hardness measurements for DP600-steel and approximated yield stress
variation transverse to the weld region. (Base material hardness is 225HV , while
a = L (NG )

x2=0 and b are the nugget dimensions along thex1- and x2-axis, respectively, and

L (HAZ )
x2=0 /a = 1 .2 speci“es the size of the HAZ. The author acknowledge Pedersen and

Harthøj (2008) for the hardness measurements.)

By applying RSW to DP600 steel, a signi“cant increase in hardness occurs in the
weld nugget (see Fig. 5.1b). To estimate the change in hardness and the spot weld
size, Vickers micro-indentation hardness measurements were performed by Pedersen
and Harthøj (2008) on the cross-sectional plane (atx3 = 0, see Fig. 2.2b) for the
8 mm electrode weld, in thex1- and x2-direction according to Fig. 5.1a. Fig. 5.1b
shows the normalized hardness variation across the weld region, which is assumed
to be linearly related to the yield stress. Based on these measurements, a mapping
of the yield stress variation is introduced in [P3], so that the relatively hard weld
nugget can be accounted for in the numerical model. The mapping is speci“ed so
that it is easily scaled with the spot weld size and used in later studies in [P3]-[P6].

The numerical analyses presented in [P3] and [P4] are carried out in full 3D,
using the Gurson-Tvergaard-Needleman model presented in section 3.2.1, with strain
controlled void nucleation (� v = 0 in Eq. (3.14)). A power hardening law is used
to approximate the material behaviour and the mechanical properties of the basis
material are estimated by comparing measured and predicted uni-axial tensile curves
[P3]. To model plug failure during shear-lab testing, an anti-symmetric failure mode
is assumed, based on experimental observations (see Fig. 10 in [P3]). Only one
quarter of the specimen is thereby considered in the numerical model (indicated
in Fig. 5.1a) by applying symmetry conditions atx3 = 0, while anti-symmetry
conditions are introduced at the weld interface (x2 = 0) using the dynamic approach
suggested in [P3]. The specimen is subjected to tension atx1 = L1. Only the yield
stress variation in the weld region is accounted for, while all other material properties
are assumed constant throughout the specimen. All residual stresses are furthermore
neglected.
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During shear-lab testing, plug failure is predicted to initiate as local thinning
of the metal sheets near the HAZ (atx3 = 0 in Fig. 5.1a) as plastic ”ow localizes
in the specimen legs stretched by the applied load (see Fig. 5.2b). As seen from
Figs. 5.2a-d, this makes the spot weld rotate, while a region of large plastic strains
and moderate stress triaxiality builds up just outside the HAZ. Damage develops
in this thin region by void nucleation and growth, which eventually leads to failure
and crack initiation (at x3 = 0 in Fig. 5.1a). A similar thin region and failure mode
were observed experimentally (see Fig. 2.2b). The initial state of the plug failure
mode is of a tensile nature (close to mode I crack opening). This is clearly seen from
the fracture surface in Fig. 5.2e, which indicates that large dimples have formed
during void growth to coalescence. However, due to signi“cant rotation of the spot
weld, the subsequent crack propagation, following the path outlined by the initial
damage along the circumference of the weld, gradually shifts to occur in mixed mode
II/III loading as the crack tip reach x3 � a and x1 � 0 (see Fig. 5.1a). Failure is
here dominated by shearing. This is also clearly seen from the fracture surface in
Fig. 5.2f, where the dimples are ”attened along the surface.

Fig. 5.2 a) Predicted cross-section of deformed shear-lab specimen during plug failure,
and curves of constant b) void volume fraction, f , c) microscopic plastic strain, � p

M , d)
stress triaxiality, � k

k / (3� e) as well as scanning electron microscope (SEM) fractographs
showing the fracture surface near the HAZ at e)x1 � a and x3 � 0, f) x1 � 0 and x3 � a.
(a = L (NH )

x2=0 = 4 mm, L (HAZ )
x2=0 /a = 1 .2, b = 1 .25 mm, t = 1 .5 mm and 2w = 25 mm.)
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(a) (b)

Fig. 5.3 a) Predicted and measured tensile curves for single spot welded shear-lab speci-
mens, and b) the predicted relationship between the weld diameter,d = 2a, the ultimate
tensile shear force (TSF) and corresponding displacement,uT SF . (2a = 2L (NH )

x2=0 � [4, 9]

mm, L (HAZ )
x2=0 /a = 1 .2, a/b = 3 .2 for b > 0.8 mm elseb = 0 .8 mm, t = 1 .5 mm and 2w = 25

mm.)

Fig. 5.3a shows a comparison of the measured and predicted tensile response
curves for a range of shear-lab specimens. The numerical analysis is carried out for
weld diameters in the interval 2a � [4, 9]mm, while the measured tensile response is
shown when using either a 6 mm or 8 mm electrode. The model captures the overall
tendency of the tensile response reasonably well and an almost perfect agreement
is found for the 8 mm diameter weld up to failure. The tensile shear force,TSF,
and the corresponding displacement,uT SF , are very well predicted. However, a
somewhat larger deviation from the tensile curve is observed for the 6 mm electrode
weld, which seems to be in better agreement with the predicted response of a 7 mm
diameter weld. Furthermore, rather large deviations from the experimental tensile
curves are found for all values of 2a, as the predicted response exceedsuT SF . This
is, however, concluded to be related to numerical approximations.

Based on the numerical analysis, the relationship between the predictedTSF,
uT SF and the weld diameter are shown in Fig. 5.3b. The dependency on the weld
diameter is here found to be in reasonable agreement withTSF � (2a)n and uT SF �
(2a)n where n � [1, 2], which typically is reported for simple empirical relations in
the literature (Marya et al., 2006). However, this dependency was found to be largely
a�ected by the shear-lab specimen geometry in [P3] and [P4], as a sti�er response
was observed for increasing specimen width. An improved empirical relationship for
estimating the TSF and uT SF should therefore include the e�ect of the specimen
dimensions (see [P4] for an extended study).

By lowering the weld diameter su�ciently, a change from plug failure in the HAZ
to a failure along the weld interface was observed as plastic ”ow localizes in the weld
nugget. This interfacial failure mode is, however, dominated by shearing, thus the
Gurson model does not predict failure by void growth to coalescence (see [P5]).
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5.2 Ductile shear failure or plug failure of spot welds mod-
elled by shear-modi“ed Gurson model [P5]

The study of plug failure of RS-welded shear-lab specimens presented in [P3] and
[P4] is extended in [P5] to involve the transition to interfacial failure across the
weld region, observed, for example, when lowering the weld diameter su�ciently
(VandenBossche, 1977; Pouranvari et al., 2007, [P3], [P4]). Due to intense shearing
during this failure mode, the Gurson model does not predict failure by void growth to
coalescence. Thus, the shear-modi“ed Gurson model by Nahshon and Hutchinson
(2008) (see section 3.2.2) is used to predict both the shear-dominated interfacial
failure and the tension governed plug failure in [P5]. However, as discussed in [P2]
(see section 3.2.2 and 4.2), this shear-modi“cation has too large an e�ect in some
cases of rather high stress triaxiality, in which it is reasonable to expect the micro-
mechanics based the Gurson model to be su�ciently accurate. Also in the present
study, a large e�ect is observed for the tension governed plug failure mode (see
Fig. 5.5a). Thus, to improve the model predictions, a further modi“cation to the
model by Nahshon and Hutchinson (2008) is proposed in [P5] by introducing an
interpolation function, �( T = � k

k / (3� e)), on the shear term (see Eqs. (3.15)-(3.17)).
To study the e�ect of this interpolation function, predictions of four material models
are compared in [P5]. These models are speci“ed as

(A) k� = 3, � 0 = � (��� ), (Nahshon-Hutchinson model)
(B ) k� = 3, � 0 = � (��� )�( T), [T1, T2] = [0.2, 0.7]
(C) k� = 3, � 0 = � (��� )�( T), [T1, T2] = [0, 0.5]
(D) k� = 0, (Gurson model).

(5.1)

The e�ect of �( T) is illustrated in Fig. 5.4a, in which the variation of � 0 is shown
in the principal stress space for model (C) (analogous to a “gure in Nahshon and
Hutchinson (2008)). Using the model by Nahshon and Hutchinson (2008) (model
(A)), the contour lines of constant� 0 = � (��� ) remain straight as indicated by the
dashed line marking the state of shear plus hydrostatic stress. Thus, the parameter
� 0 may reach its maximum value at very high stress triaxiality (for example, as
� III /� I � 1), but vanish at � III = � II = � I due to the assumption of zero e�ect
at axi-symmetric conditions. However, the proposed interpolation function, �(T),
ensures that the shear-term vanishes at much lower stress triaxiality. As seen in
Fig. 5.4a, � 0 is ramped out as the triaxiality increases. AboveT2, no additional
contribution to damage thereby occurs, while the shear-term is una�ected belowT1.
In addition, �( T) preserves that the shear-term vanishes in an axi-symmetric state.

More explicitly, the e�ect of �( T) is shown in Fig. 5.4b for plane stress bi-
axial tension (0 � � II /� I � 1). Here, the interpolation function �( T) reduces the
value of � (��� ) signi“cantly at � II /� I = 0.5 (T = 0.577), for example, found for
plane strain uni-axial tension well into the plastic domain where no shearing occurs.
Fig. 5.4c shows that �(T) only has little e�ect on the shear-term for a state of shear
(� III /� I = Š1) combined with a transverse stress component (Š1 � � II /� I � 1).
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Fig. 5.4 a) Variation of � 0 in principal stress space for model (C), ( � I > 0, � m = � k
k / 3),

and the e�ect of �( T) for the three models involving � 0, here shown for b) plane stress
bi-axial tension (� III /� I = 0, � I > 0), and c) a shear state combined with a transverse
stress component (� III /� I = Š1, � I > 0).

Following the study presented in [P3] and [P4], the numerical analysis in [P5] is
carried out in full 3D by assuming an anti-symmetric mode for both the interfacial
failure and the plug failure during shear-lab testing. Only the yield stress variation
across the weld region is accounted for, while all residual stresses are neglected.

Fig. 5.5 shows the predicted tensile curves for the shear-lab specimens contai-
ning a 3 mm or 8 mm spot weld, which ensures interfacial failure or plug failure,
respectively. It is seen in Fig. 5.5a, that a rather large e�ect of the shear-term occurs
when directly applying the model by Nahshon and Hutchinson (2008) (model (A))
to predict plug failure, even through failure here develops at moderately high stress
triaxiality (see Fig. 5.2d, [P3]). This large e�ect can be linked to the evolution
of � (��� ). As the weld rotates due to the stretching of the specimen, plastic ”ow
localizes near the weld and a thin-region develops. This localization enhances the
constraint on the plastic ”ow and a stress state corresponding to high values of� (��� )
builds up in the thin region (see Fig. 5.6d). Combined with nucleation of voids,
this leads to a large contribution to the damage development from the shear-term,
which is on the order of 40-50% of the total damage at coalescence (see Fig. 5.6c-d).
Compared with the original Gurson model (model (D)), this naturally leads to more
localized damage in the thin-region. The coalescence condition is thereby reached
much earlier, resulting in the early loss in load carrying capacity (see Fig. 5.5a).
However, by introducing the suggested interpolation function, �(T) (model (B ) and
(C)), the e�ect of the shear-term is limited to regions of low stress triaxiality and
almost no contribution from the shear-term is present in the thin region during plug
failure. This can also be seen from the tensile curves in Fig. 5.5a, in which the
predictions from model (B) and (C) almost coincide with the results of the original
Gurson-Tvergaard-Needleman model (model (D)).
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(a) (b)

Fig. 5.5 Modelled tensile curves for single spot welded shear-lab specimen during a) plug
failure (a = L (NH )

x2=0 = 4 mm, b = 1 .25 mm), and b) interfacial failure (a = L (NH )
x2=0 = 1 .5

mm, b = 0 .8 mm). (L (HAZ )
x2=0 /a = 1 .2, t = 1 .5 mm and 2w = 25 mm.)

Fig. 5.6 a) Predicted cross-section of deformed shear-lab specimen during plug failure,
and curves of constant b) total damage,f , c) contribution to damage from shear-term
using model (A), and d) parameter � 0 = � (��� ). (a = L (NH )

x2=0 = 4 mm, L (HAZ )
x2=0 /a = 1 .2,

b = 1 .25 mm, t = 1 .5 mm and 2w = 25 mm.)
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Fig. 5.7 a) Deformed shear-lab specimen during interfacial failure seen from the side,
and curves of constant b) total damage,f , c) contribution to damage from shear-term
using model (A), and d) parameter � 0 = � (��� ) (a = L (NH )

x2=0 = 1 .5 mm, L (HAZ )
x2=0 /a = 1 .2,

b = 0 .8 mm, t = 1 .5 mm and 2w = 25 mm).

Fig. 5.5b presents the tensile curves predicted for interfacial failure during shear-
lab testing. Due to the intense shearing (T � 0.1 Š 0.2 [P5]) in the region of
localization, only limited void growth was predicted by the Gurson model (model
(D)). This is clearly re”ected in the tensile curve in Fig. 5.5b, in which the loss of
load carrying capacity is never reached for model (D), even though signi“cant plastic
straining was predicted (
 p

M > 1.5 [P5]). However, using the model by Nahshon and
Hutchinson (2008) (model (A)), void nucleation is followed by an increase in the
damage parameter,f , leading to a complete loss of load carrying capacity (see
Figs. 5.5b and 5.7b-c). This is due to� 0 > 0 in the region of intense shearing where
values close to the maximum level are reached, while much lower values of� 0 are
found outside this region (see Fig. 5.7d). Applying the interpolation function, �(T),
a rather small e�ect on the tensile curves in Fig. 5.5b is predicted, as intended for
a state of low stress triaxiality.

Comparing the tensile curves in Figs. 5.5a-b for the plug failure and the interfa-
cial failure, respectively, the intended e�ect of the proposed interpolation function is
obtained. As ductile plug failure occurs at moderate stress triaxiality, �(T) delays
the evolution of the shear-term which leads to later void coalescence. But as inter-
facial failure occurs at low stress triaxiality, a maximum e�ect from the shear-term
is needed to reach void coalescence (f = f c) and thereby to reach a complete loss in
load carrying capacity.
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5.3 Predicting failure of spot welded joints using recent ex-
tensions to the Gurson model [P6]

The plug failure modes of RS-welded shear-lab and cross-tension test specimens
are studied in [P6], using recent extensions to the Gurson model. A comparison
between the predicted tensile response is presented when using either i) the Gurson-
Tvergaard-Needleman model (see section 3.2.1), ii) the shear-modi“ed Gurson model
by Nahshon and Hutchinson (2008) (including the modi“cation propose in [P5],
see section 3.2.2), or iii) the Gologanu-Leblond-Devaux model accounting for non-
spherical void growth (see section 3.2.3). Both the shear-lab and cross-tension test
specimens consist of two overlapping metal sheets, which are joined by a single spot
weld and loaded in tension according to the inserts in Fig. 5.9 (AWS, 2000).

Following the studies in [P3]-[P5], the numerical analyses are carried out in full
3D. Using the Gologanu-Leblond-Devaux model, a simple approach is here used to
approximate void nucleation by either particle fracture or particle-matrix decohe-
sion, and a study of the subsequent void shape evolution is presented [P6].

As for the shear-lab specimen studied in [P3]-[P5], the plug failure mode during
cross-tension testing is found to be of a tensile nature. Thus, failure develops at
moderate stress triaxiality as plastic ”ow localizes during local thinning of the metal
sheet near the spot weld (see Fig. 5.8). Fig. 5.8d shows the evolved void shape,
W = ln( S), in the thin region, predicted by the Gologanu-Leblond-Devaux model

(a) (b)

(c) (d)

Fig. 5.8 Plug failure of a single spot welded cross-tension test specimen modelled using
the Gologanu-Leblond-Devaux model with void nucleation by particle fracture (W0 =
0.01), here showing curves of constant a) void volume fraction,f , b) microscopic plastic
strain, � p

M , c) stress triaxiality, � k
k / (3� e), and d) void shape, W = ln( S), with overlaying

vector-“eld indicating the modelled void orientation, nnn1, and the relative aspect ratio,
W/W max . (The spot weld diameter is 8 mm and � L = 39.37 mm.)
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(a) (b)

Fig. 5.9 Predicted tensile response for single spot weld subject to a) shear-lab testing, and
b) cross-tension testing, using the Gurson-Tvergaard-Needleman model (GTN-model), the
Nahshon-Hutchinson model (NH-model), the extended Nahshon-Hutchinson model with
�( T) (NH(e)-model), and the Gologanu-Leblond-Devaux model (GLD-model).

with assumed void nucleation by particle fracture (W0 = 0.01). Signi“cant void
elongation is observed here. Similar results were found for plug failure during shear-
lab testing [P5]. However, compared to shear-lab testing, the thin-region covers
a larger part of the weld circumference for the cross-tension specimen, depending
on the state of deformation before void coalescence occurs. Thus, a fundamental
di�erence from the shear-lab test specimen is observed, since loading more closely
resembles mode I crack opening up to complete failure during cross-tension testing.

Fig. 5.9 presents the predicted tensile response for the various damage models.
Comparing the tensile curves for the two testing techniques, a lower ultimate tensile
force is predicted for the cross-tension test, while the corresponding displacement
is much larger due to the signi“cant bending of the welded sheets (Mukhopadhyay
et al., 2009). However, for both tests a signi“cant e�ect is found for the shear-
modi“ed model by Nahshon and Hutchinson (2008), which predicts failure much
earlier than the Gurson-Tvergaard-Needleman model, even though the stress tria-
xiality is moderately high [P3]-[P6]. This is in contrast to the predictions by the
more complex micro-mechanics based Gologanu-Leblond-Davaux model, where later
failure occurs in all cases. This is partly due to a change in the void growth rate
and yield surface contraction rate when accounting for the void shape evolution, and
partly due to the lower void volume fraction nucleated when assuming void nucle-
ation by particle fracture. A larger dependence on void growth is thereby observed
for void nucleation by particle fracture, which leads to later void coalescence.

Furthermore, to address the problem of shrinkage voids or larger weld defects, a
similar study has been carried out when removing parts of the weld nugget center.
It is shown in [P6] that this type of defect only has a limited e�ect on the tensile
response and that the plastic ”ow localization in the vicinity of a defect weld closely
matches that of a fully intact weld up to large defect sizes (Uijl and Smith, 2006).



Chapter 6
Concluding remarks

This thesis focuses on numerical analysis of damage development and ductile fail-
ure in welded joints. In particular, the plastic ”ow localization and the evolution
of damage in friction stir welded uni-axial test specimens and commonly used spe-
cimens for testing resistance spot welds have been studied intensively. Di�erent
Gurson-type models have been implemented in a “nite element (FE) framework and
used to predict failure at loading conditions ranging from moderate (T < 1) to low
(T � 0) stress triaxiality, T = � k

k / (3� e). Most studies are carried out in full 3D,
but simpler plane strain models have also been used. All models account for “nite
strains. To estimate the model parameters in the weld region and to obtain mea-
surements for comparison with the models, some experimental investigations have
also been conducted. Nine papers, denoted [P1] through [P9], have been included
in the thesis.

The Gurson modelling approach of predicting failure by void nucleation
and void growth to coalescence in welded joints subject to tensile loading, has here
shown good results. The Gurson-Tvergaard-Needleman model, accounting for the
growth of spherical voids, was found to predict the tension-governed failure modes
at moderate stress triaxiality reasonably well and a good agreement with experi-
mental observations was obtained in [P1] and [P3]. Most model parameters are here
typically considered as e�ective values, since voids only remain spherical at rather
high stress triaxiality. To account for the void shape evolution, a 3D FE-model
based on the more complex Gologanu-Leblond-Devaux model has been developed
([P6]-[P9]). The numerical study in [P6] showed that this model slightly delays
failure, as compared to the Gurson-Tvergaard-Needleman model, when assuming
void coalescence to occur at a critical porosity,f c. However, this does not make
the Gologanu-Leblond-Devaux model less predictive, and the combined numerical
and experimental study of FS-welded aluminum presented in [P7]-[P9] showed good
agreement. The onset of void coalescence was here assumed to be governed by the
Thomason criterion.

None of the above mentioned micro-mechanics based Gurson-type models can
predict failure by void growth to coalescence during shearing, for example, as found
for interfacial failure of spot welds. Thus, the recent phenomenological shear-
modi“cation to the Gurson model by Nahshon and Hutchinson (2008) is naturally
applied. Using the shear-modi“ed Gurson model, a number of studies have been
conducted in this thesis for both homogeneous loading conditions and the more
complex conditions during failure in welded joints ([P2], [P5], [P6]). A further ex-
tension to the shear-modi“cation by Nahshon and Hutchinson (2008) was proposed
in [P5] to better predict failure at high stress triaxiality.

45
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The governing equations for the Gurson-type models are presented in chapter 3
together with a description of the applied total Lagrangian formulation and the FE-
implementation. The assumptions and limitations of the models have been discussed
throughout the thesis, with reference to the work presented in [P1]-[P9].

Friction Stir Welds (FSWs) in age-hardenable aluminum, loaded in ten-
sion transverse to the weldline (see Fig. 4.1a) has been studied using the di�erent
Gurson-type models. Ductile failure was here predicted to occur in the low strength
weld region and was found to be strongly a�ected by the variation of the material
properties transverse to the weldline, mainly the variation of the initial yield stress.
The weakest part of the weld (typically near the HAZ and TMAZ), was found to
act as a large imperfection that governs the initiation of plastic ”ow localization
([P1],[P2],[P8],[P9]). Thus, a parametric study of the e�ect of changing the mate-
rial properties in the di�erent weld zones was conducted in [P1]. Failure was here
found to localize in either the TMAZ or the weld nugget, depending on the relative
level of the yield stress. Furthermore, this study clearly illustrates the stress-strain
conditions at failure, which closely match those of the more complex models pre-
sented in [P8] and [P9]. Failure was here predicted to occur at moderate stress
triaxiality, thus the e�ect of the shear-modi“cation by Nahshon and Hutchinson
(2008) was studied in [P2]. This model showed a noticeable e�ect, even at mode-
rately high stress triaxiality, which has been discussed in detail. A more rigorous
material-oriented study of FS-welded aluminum was conducted in [P7]-[P9]. Based
on the characterization of 6005A aluminum in [P7] a combined experimental and
numerical analysis of failure in FS-welded 6005A aluminum was carried out in [P8]
and [P9]. Special attention was devoted to the e�ect of the stage IV strain hardening
observed in [P7], which was found to improve the predictions of the fracture strain.

In the studies of FS-welds presented in [P1]-[P2] and [P7]-[P9], the e�ect of
residual stresses have been neglected, since these are signi“cantly relaxed when
cutting out a test specimen from the welded plate (see Fig. 4.1a). Thus the weld
is mainly characterized by the variation of the material properties. Accounting for
both the post-welding stress-strain conditions and the non-homogeneous material
properties when considering a much wider specimen are currently investigated in an
ongoing collaboration with Jesper H. Hattel and Cem C. Tutum.

Resistance Spot Welds (RSWs) in DP600 steel, subject to commonly used
testing techniques, have been studied numerically with focus on failure in the weld
region. A numerical study of plug failure in spot welded shear-lab specimens has
been presented in [P3]. The predictions of a 3D Gurson-Tvergaard-Needleman model
here showed good agreement with experimentally measured tensile curves as well as
the observed plastic ”ow localization near the HAZ. Using this model, a further
study of the e�ect of the weld diameter as well as the e�ect of the test specimen
geometry on the ultimate tensile shear force,TSF, and the displacement,uT SF , was
presented in [P3] and [P4]. Here, a reasonable agreement was found with empirical
relations from the literature, which solely relates the weld diameter to theTSF and
the uT SF . However, the study presented in [P4] showed that the specimen geometry
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a�ects the tensile response as well as the transition to interfacial failure in the weld
nugget. To predict both the plug failure and the shear-dominated interfacial failure,
a numerical study was conducted in [P5], using the shear-modi“ed Gurson model.
This study illustrated the new features of the shear-term by predicting failure at
low stress triaxiality. However, the shear-modi“cation by Nahshon and Hutchinson
(2008) was found to have too large an e�ect at moderately high stress triaxiality.
Thus, a further extension to the shear-term was proposed in [P5], which very recently
has been compared to cell model predictions (Tvergaard and Nielsen, 2009). Finally,
the Gologanu-Leblond-Devaux model was implemented and used in [P6] to study
the void shape evolution during failure near spot welds. The predicted tensile curves
were here compared to the predictions of the remaining Gurson-type models.
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Appendix A
Potential surface parameters and derivatives

The parameters governing the potential surface by Gologanu et al. (1993, 1994,
1997) and its partial derivatives are brie”y presented. Simpli“cations which reduce
the derivatives to those of the Gurson-Tvergaard-Needleman model are pointed out.

A.1 Parameters dependent on void shape and porosity

As for the original Gurson model, Gologanu et al. (1993, 1994, 1997) derived the
potential surface in Eq. (3.18), based on limit-load analysis, by considering a sphe-
roidal void embedded in a confocal spheroidal representative volume as illustrated
in Fig. A.1. To account for the void shape evolution, Gologanu et al. (1997) intro-
duced two potential surfaces, one for prolate voids (S > 0) (Gologanu et al., 1993)
and one for oblate voids (S < 0) (Gologanu et al., 1994), which coincide in the limit
S � 0 (spherical void). However, the model inherits a singularity atS = 0 (see
Eqs. (A.1)-(A.2)). The governing parameters for the potential surfaces are the void
shape factorS � ln(R1/R 2) = ln( W) and the porosity f � (R1R2

2)/ (r 1r 2
2), which

relate the eccentricitiese1 and e2 of the inner and outer spheroid as

e1 =

�

1 Š
1

exp(2|S|)
(A.1)

(1 Š e2
2)n

e3
2

=
1
f

(1 Š e2
1)n

e3
1

, with

�
n = 1 for prolate shape, S � 0
n = 0.5 for oblate shape, S < 0.

(A.2)

A limit on the void shape, S, is introduced in the numerical model to avoid the
singularity in Eqs. (A.1)-(A.2), while a solution to Eq. (A.2) is approximated by a
Newton-Raphson iteration loop during the numerical simulations.
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Fig. A.1 Spheroidal void and confocal representative volume element (spheroidal) de“ned
by Gologanu et al. (1997), a) prolate voidS > 0, and b) oblate void S < 0.
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The void shape and porosity dependent parameters for the potential surface in
Eq. (3.18) are de“ned by Gologanu et al. (1997); Pardoen and Hutchinson (2000) as

Prolate voids (S > 0)

g = 0 (A.3)
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Oblate voids (S < 0)
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while for both oblate and prolate voids

sh � sinh(2 (� 1 Š � 2)) (A.15)

ch � cosh(2 (� 1 Š � 2)) (A.16)

� = Š
q (1 Š f )(g + 1)( g + f )sh

(g + 1) 2 + q2(g + f )2 + 2q(g + 1)( g + f )[ (� 1 Š � 2)sh Š ch]
(A.17)
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(A.18)



A.2 Potential surface derivatives 51

In line with the studies by Tvergaard (1981, 1982b) for the Gurson model,
Pardoen and Hutchinson (2000) suggested a modi“cation to the potential surface
by Gologanu et al. (1997) based on cell model studies for a power hardening material
with hardening exponentN . The expression forq used in this study can be found
in Lassance et al. (2007) and is given by

q = 1.5
�
� bŠ 1

�

�
� + 1

2(b+ 1) (A.19)

b= 1 +
�

0.655Š 1.75N Š 0.5f 1/ 4
0

� �
1
2 + tan Š 1(2(1.2Š S0))

� Š 1
44 exp (S0)

�

which is valid for W0 > 0.01. Otherwise,q is taken to be equal toq(W0 = 0.01).
Slightly more accurate predictions can be obtained by introducing a dependency of
the stress triaxiality in Eq. (A.19) (see Pardoen and Hutchinson, 2000). It is however
noted that introducing a dependence on the stress triaxiality further complicates the
partial derivatives of the potential surface.

A.2 Potential surface derivatives

The partial derivatives of the potential surface in Eq. (3.18) for non-spherical void
growth (Gologanu et al., 1993, 1994, 1997) takes the form
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This reduces to the derivatives of the Gurson-Tvergaard-Needleman model (� �
�S =

0) by letting S � 0, henceC = 1, � = 0, g = 0,  = 3q2/ 2, q = q1, and � h = � k
k / 3.

The partial derivatives of the parameters in Eqs. (A.3)-(A.18) used in Eqs. (A.20)-
(A.23) for the potential surface are not given here. However, these have been derived
and controlled by a numerical “nite di�erence check.



Appendix B
Void orientation and relative spacing

B.1 Void orientation

For the Gologanu-Leblond-Devaux model presented in section 3.2.3 (and appen-
dix A), the voids are chosen to follow the convecting frame, while no additional ro-
tation is accounted for. Thus, the void orientation is speci“ed by a basis (nnn1,nnn2,nnn3)
(see Fig. B.1), which remains orthogonal during the deformation. It is chosen that,
if the main cavity axis, nnn1, is in the direction of the base vector,�eee1, then

nnn1 = �eee1/ ||�eee1||, nnn2 = [nnn1(2), Šnnn1(1), 0]T /
�

(nnn1(1))2 + ( nnn1(2))2, nnn3 = nnn1× nnn2 (B.1)

for nnn1(1) �= 0 or nnn1(2) �= 0. This approximation is reasonable if the maximum
principal stress does not deviate too much from�eee1 (Scheyvaerts, 2008).

B.2 Relative void spacing

To combine the Gologanu-Leblond-Devaux model with the coalescence criterion
by Thomason (1990) (section 3.2.5), a relative void spacing has been de“ned as
X = R3/L 3 in the 3D studies presented in [P7]-[P9]. This can be written as

X =
�

f

 d

� d
W

� 1
3

, �� 1 = � 1( �
 1 Š �
 3), �� 2 = � 2( �
 1 Š �
 2) (B.2)

where f = � dR1R2
3/ (L1L2L3) is the void volume fraction, W = R1/R 2 is the void

aspect ratio, � d is a geometric factor depending on the arrangement of the voids
and � d is a factor related to the anisotropy in the void distribution. A 3D cubic
homogeneous distribution of the voids is assumed, thus� d = �/ 6 and � d = ( � 1)2/� 2

with � 1 = L1/L 3 and � 2 = L1/L 2, which is updated according to Eqs. (B.2)b-c.
Here, �
 k = nnnk · �


 · nnnk for k = 1, 2, 3 and �


 = �� ij �eeei �eeej (Lassance et al., 2007).
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Fig. B.1 a) Example of orientation for an oblate void, b) void arrangement (� d = �/ 6).
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Appendix C
Accessible hardware and parallel performance

C.1 Accessible computer hardware
The speci“cations of the hardware used for the numerical simulations in the present
work are shown in the table below. The shared memory machines •NewtonŽ and
•EulerŽ were mainly used during [P1]-[P7], while the newer clusters, •HLOptŽ and
•GreenŽ have been used for [P6] and [P7]-[P9], respectively.

Domain Speci“cation At

Newton/Euler
60/ 24 UltraSPARC IV+ dual-core CPU•s, 1.8GHz
32Mb Cache, 416/96Gb ram (Shared memory)

DTU

HLOpt
29× 8 AMD Opteron(tm) 2354 CPU•s, 2.2GHz
512kb Cache, 8Gb ram

DTU

Green
99× 8 Inter(R) Xeon(R) L5420 CPU•s, 2.5GHz
6Mb Cache, 16-31Gb ram

UCL

C.2 Parallel performance using OpenMP
All numerical models developed during this work have been implemented as parallel
Fortran90 code using OpenMP (Sun Microsystems, 2005). Thus, using the clusters
•HLOptŽ or •GreenŽ up to 8 CPU•s could be used for each simulation, while all 120
or 48 CPU•s on the shared memory machines could be addressed to one calculation.
An example of the achieved Speed-Up is shown in Fig. C.1c for the 3D Gologanu-
Leblond-Devaux model (including one serial call for writing the results “le). A small
uni-axial test case presented by Jinkook and Xiaosheng (2005) is here considered (see
Figs. C.1a-b). Also, good agreement was found for the predicted damage evolution.

(a) (b) (c)
Fig. C.1 a) Mesh for uni-axial test case, b) predicted void volume fraction, f , and c)
Speed-Up factor, de“ned as the calculation time for one CPU over the current calculation
time, based on wall-clock time for the uni-axial tensile test performed on •EulerŽ.
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Appendix D
Forward gradient procedure
Peirce et al. (1984) suggested a forward gradient procedure by introducing a linear
interpolation of the e�ective strain at time t and t + � t. When using this within
the time integration of a Gurson-type model, the microscopic plastic strain rate
(e�ective plastic strain rate) takes the form

�
 p
M = (1 Š � ) �
 p(t )

M + � �
 p(t+� t )
M (D.1)

with � � [0, 1] and �
 p(t+� t )
M approximated by the Taylor series expansion

�
 p(t+� t )
M = �
 p(t )

M + � �� p
M

�� M
�� M � t + � �� p

M
�� p

M
�
 p
M � t. (D.2)

Peirce et al. (1984) found a reasonable increase in numerical stability for� � 0.5.
Thus, � = 0.9 has been used in this work. Combined with the constitutive relations
described in chapter 3, a forward gradient procedure has be derived to determine the
Kirchho� stress rate, �� ij . In the following, the procedure is shown for the Gologanu-
Leblond-Devaux model with the damage growth rate given by Eq. (3.14).
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(D.4)

This procedure reduces to that of the Gurson-Tvergaard-Needleman model for sphe-
rical voids (S = 0, � �

�S = 0, Q4 = 0), when using the same expression for the damage
growth rate (Eq. (3.14)). Furthermore, the shear-modi“cation described in sec-
tion 3.2.2 may be accounted for by addingk� f � 0

sij

� e

� �
�� ij to the Q3 parameter in

Eq. (D.4) and applying Eq. (3.15) as the damage growth rate. Consequently, the
shear-modi“cation does not a�ect normality as shown by Nahshon and Hutchinson
(2008), sinceM ij

A = M ij
B for B = 0.
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Abstract

Ductile damage development in a friction stir welded aluminum joint subjected to tension is analyzed numerically by
FE-analysis, based on a total Lagrangian formulation. An elastic…viscoplastic constitutive relation that accounts for nucle-
ation and growth of microvoids is applied. Main focus in the paper is on the interaction between changes in the material
parameters in di�erent regions of the weld, the damage development and the position of the “nal fracture. Especially
changes in the yield stress pro“le transverse to the weldline are examined, since some process parameters have been shown
experimentally to a�ect this. It is found that damage development is highly in”uenced by changes in the yield stress pro“le
and a shift in “nal failure is shown for comparable yield stress in the thermo-mechanically a�ected zone (TMAZ) and the
nugget zone (NG).
� 2008 Elsevier Ltd. All rights reserved.

Keywords: Fracture; Friction stir welding; Ductile damage; GTN-model; Stress triaxiality

1. Introduction

Friction stir welding (FSW) is a relatively new solid-state process for joining a variety of di�erent materials.
FSW was developed at The Welding Institute (TWI, Cambridge, United Kingdom) in 1991, (Thomas et al.
[1]), and has proven to be an attractive method for joining age-hardening aluminum alloys, such as the
2xxx (Al…Cu…Mg) series. The basis of the process is a spinning tool, consisting of a pin and a shoulder plate,
which is lowered into the weldline between two metal sheets until the shoulders are pressed in contact with the
sheets to be welded. By forcing the spinning tool forward along the weldline a joint is created due to friction
heating and extensive deformation of the material in the stir zone. The heat and deformation created between
the shoulder plate and the material to be welded, results in a di�erence in the microstructure and thereby the
mechanical properties between the top (crown) and bottom (root) of the weld (Figs. 4 and 5).

A large number of experimental studies have focused on the mechanical properties, (Lockwood et al.[2],
Liu and Chao [3]), the evolution of the microstructure, (Fonda and Bingert[4], Yang et al. [5]) and the relation
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doi:10.1016/j.engfracmech.2008.01.012

* Tel.: +45 4525 4258; fax: +45 4593 1475.
E-mail address:kin@mek.dtu.dk

Available online at www.sciencedirect.com

Engineering Fracture Mechanics 75 (2008) 2795…2811
www.elsevier.com/locate/engfracmech



between these topics, (Genevois et al.[6], Sutton et al. [7]). It is well known that a FS-weld may be divided into
four regions, base material (BM), heat a�ected zone (HAZ), thermo-mechanically a�ected zone (TMAZ) and
the nugget zone (NG). The HAZ is the material which experience a signi“cant increase in the temperature due
to the heat generated in the process, whereas the TMAZ closer to the weldline is exposed to signi“cant heating
as well as mechanical deformation. Furthermore, a region of “ne grained material is known to occur in the
center of the weld, which is referred to as the NG.

Between the di�erent regions a more or less smooth transition in the microstructure and the mechanical
properties is shown by Fonda and Bingert[4] and Yang et al. [5]. However a fundamental di�erence in the
two sides of the weld is shown by Schmidt et al.[8], since material on the retreating side (RS) experiences

Nomenclature

E Young•s modulus
f ; _f void volume fraction, void volume fraction rate
f c; f f void volume fraction at coalescence, void volume fraction at “nal fracture
f � ; f �

U corrected void volume fraction, ultimate corrected void volume fraction
f N ; sN ; eN potential nucleated void volume fraction, standard deviation, mean nucleation strain
gij ; Gij metric tensors for undeformed and deformed state
L0; w0; b0 length, width and hight of tensile specimen
LðCÞ

i ; LðRÞ
i dimensions of crownðCÞ and rootðRÞ of weld pro“le

m strain rate hardening exponent
N strain hardening exponent
q1; q2 damage parameters for GTN-model
S; V surface and volume
SH horizontal surface
t; Dt time and time increment
tr ramping time
Ti surface tractions
ui displacements
_U0 prescribed velocity

xi coordinates
_e0 reference strain rate
ep
M ; _ep

M microscopic plastic strain and strain rate
gij ; _gij covariant Lagrangian strain and Lagrangian strain rate
_gE
ij ; _gp

ij elastic and plastic parts of Lagrangian strain rate
h linear scaling factor for forward gradient
m Poisson•s ratio
q density
r e Von Mises reference stress
r M microscopic reference stress
r y yield stress
r ij Cauchy stress tensor
1
3 r k

k mean Cauchy stress
sij ; _sij Kirchho� stress and Kirchho� stress rate
U potential surface
D void nucleation law
gðep

M Þ strain hardening function
BM, HAZ, TMAZ, NG base material, heat a�ected zone, thermo-mechanically a�ected zone and

Nugget zone

2796 K.L. Nielsen / Engineering Fracture Mechanics 75 (2008) 2795…2811



a large deformation and shear zone, while material on the advancing side (AS) only experiences minor
deformation.

Some experimental studies of the location of “nal fracture in a FS-welded joint are carried out by Liu et al.
[9…11]. It is shown that for increasing advancing weld speed the fracture moves toward the nugget of the weld
for many aluminum alloys. This is then coupled to the changes in the yield stress pro“le, since for a high
advancing weld speed comparable yield stresses are found in the NG and the TMAZ, while for a low advanc-
ing weld speed the yield stress in the NG exceeds that of the TMAZ. For the aluminum alloys analyzed by Liu
et al. [9…11]a ductile failure is observed to occur. However, an experimental study on the failure mechanism
for a FS-welded tensile specimen is yet to be published. Furthermore, no conclusive study on why “nal frac-
ture occurs on di�erent sides of the weld for di�erent aluminum alloys has yet been published.

In many experimental studies the fracture location is related to a variation of the yield stress transverse to
the weldline (Liu et al. [9…11]). Final fracture is thereby often related to the minimum yield stress. However, as
the present study will show fracture may occur outside the region of minimum yield stress. The study of frac-
ture location has thus proven to be a complex issue and published experimental work shows some contradic-
tory results, (Heinz and Skrotzki [12], Magnusson and Källman [13]). Both Heinz and Skrotzki [12] and
Magnusson and Källman [13] “nd that “nal fracture of AA6013 occurs in the HAZ, but on the AS and
RS, respectively.

For a perfectly symmetric weld the location of “nal fracture on one side or the other of the weld depend on
a bifurcation. Even a small asymmetry in the weld can thereby change the location of fracture. Small or larger
imperfections are presented in experiments by Barcellone et al.[14] and Chen et al.[15], both in forms of var-
ious types of defects and changes in the distribution of second phase particles.

The purpose of the present paper is to model the ductile damage development in FS-welded AA2024 joints,
in order to obtain a parametric understanding of the e�ect of di�erent distributions of material properties.
This also gives a more general understanding, which may be used for other aluminum alloys. The study is car-
ried out by “nite element analysis of a tensile specimen containing a FS-weld running transverse to the tensile
direction. As an assumption the GTN-model for porous ductile metals is applied to describe the damage devel-
opment in the weld region. This is due to the pronounced plastic deformation of the weld region as the spec-
imen is loaded. Furthermore, evidence of ductile fracture has been published by Yan et al.[16] in the form of
SEM fractographs for aluminum AA2024. Local data for the constitutive material model, in terms of stress…
strain curves for di�erent regions of the weld, are approximated by the FE-model and compared with exper-
imental uni-axial tensile data presented by Lockwood et al.[2] and Genevois et al.[6]. Furthermore, the global
geometry and tensile curves are compared with experimental work presented by Fonda and Bingert[4].

2. Flow rules and damage model

For a general description of a specimen under a given loading condition, the “nite element model is based
on a total Lagrangian formulation, (Budiansky [17], Hutchinson[18]). The model is formulated by introducing
a Cartesian reference frame and a frame convecting with the material under deformation. The dynamic prin-
ciple of virtual work can be written in terms of the Lagrange straingij and the work conjugated Kirchho�
stresssij

Z

V
sij dgij dV ¼

Z

S
Tidui dS�

Z

V
q

o2ui

ot2 duidV ð1Þ

with

gij ¼
1
2

ðui;j þ uj ;i þ uk
i uk;j Þ ð2Þ

Here, ðÞij and ðÞij denote the covariant and contravariant components of a general tensor, respectively, and
ðÞ;i denotes the covariant di�erentiation in the reference frame. The Lagrangian strain increment is here taken
to be the sum of the elastic and plastic contributions,_gij ¼ _gE

ij þ _gp
ij .

To model the ductile damage development the Gurson…Tvergaard…Needleman-model (GTN-model) is
applied, (Gurson[19], Tvergaard[20]). Here a void volume fraction f describes the degree of damage in a given
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volume, varying in the interval f 2 ½0; 1�, where f ¼ 0 refers to a damage free volume. The potential surface
can be written as(3), where r M are the microscopic reference stress in the matrix material surrounding the
voids, while r ij are the contravariant components of the macroscopic Cauchy stresses, describing the average
stress “eld over the material in the convected coordinate system

U ¼
r 2

e

r 2
M

þ 2q1f
� cosh

q2

2
r k

k

r M

� �
� ½1 þ ðq1f

� Þ2� ¼ 0 ð3Þ

here

f � ðf Þ ¼
f for f 6 f c

f c þ
f �

U � f c

f f � f c
ðf � f cÞ for f > f c

(

ð4Þ

The correction (4) of the modi“ed Gurson-model introduced by Tvergaard and Needleman[21] accounts for
coalescence of microvoids at some critical value,f c, while “nal fracture occurs at f � ðf f Þ ¼f �

U ¼ 1=q1. The rate
of the void volume fraction, _f , is here taken to be given as a sum of a growth and a nucleation part,
respectively

_f ¼ ð1 � f ÞGij _gp
ij þ D _ep

M ð5Þ

The “rst term, representing growth of existing voids, follows from plastic incompressibility, while nucleation
of new voids is taken to be governed by a normal distribution as suggested by Chu and Needleman[22]. A
plastic strain controlled nucleation can then be written as

D ¼
f N

sN

������
2p

p exp �
1
2

ep
M � eN

sN

� � 2
" #

ð6Þ

Here f N is the volume fraction of second phase particles, which are taken to initiate new voids,sN is the stan-
dard deviation and eN is the mean nucleation strain.

The e�ective microscopic plastic strain rate is here assumed to be governed by a potential law, given as(7).
The material model thereby re”ects the viscoplastic behaviour of the material

_ep
M ¼ _e0

r M

gðep
M Þ

� � 1=m

; gðep
M Þ ¼r y 1 þ

Eep
M

r y

� � N

ð7Þ

wherem and _e0 are the strain rate hardening exponent and the reference strain rate, respectively. Furthermore
the strain hardening functiongðep

M Þare taken to be given as a power law, whereN and r y are the strain hard-
ening exponent and initial yield stress, respectively.

3. Method of analysis

The dynamic form of the principle of virtual work (1) is applied in the FE-model and discretized by either 8
or 20 node isoparametric plane or solid elements in 2D or 3D, respectively. The integrals are evaluated by
reduced integration with 2 Gauss-points in each direction. Furthermore a lumped mass matrix is introduced
to decouple the system of equations, which are solved by a standard explicit Newmarkb-method. The
dynamic analysis accounting for inertia has the advantage over a standard quasi static analysis that no sti�-
ness matrix is needed, and then the computation time in each increment is much reduced. Under slow loading
this dynamic method gives a very good approximation to the static solution.

As a consequence of the strong non-linearity in the elastic…viscoplastic material model(7) small time incre-
ments are necessary to obtain numerical stability. However, as shown by Peirce et al.[23] the size of the critical
time increment is increased by introducing a forward gradient method for estimating the microscopic plastic
strain rate. The microscopic plastic strain rate is then expressed by a linear combination of the rate at timet
and t þ Dt, respectively

_ep
M ¼ ð1 � hÞ_epðtÞ

M þ h_epðtþ DtÞ
M ð8Þ
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a correction of the material model can thereby be derived, (Tvergaard[24]). All calculations in the following
analysis are carried out withh ¼ 0:9, which is shown by Peirce et al.[23] to improve the stability of the model
signi“cantly.

As the extension of the potential surface are reduced due to void nucleation and growth one may experience
numerical di�culties since the stress carrying capacity of a given element is reduced forf ! f f , in the consti-
tutive equations. To deal with this the element vanishing technique suggested by Tvergaard[25] is applied.
Damage development in a given Gauss-point reachingf ¼ 0:9f f is thereby turned o�, while a given element
is killed when 2 or 3 Gauss-points in 2D or 3D, respectively, are turned o�. After killing the element the
remaining forces from the element on neighbouring elements are stepped down in the following 50 increments.

3.1. Types of analysis

For estimating the parameters in the GTN-model a uni-axial tensile tests for a homogeneous material is
carried out by use of a general 3D model. The results are compared with experimental work presented by
Lockwood et al. [2] and Genevois et al.[6], where tensile specimens from di�erent regions of a FS-weld is
cut out along the weldline and analyzed. The dimension of the tensile specimen is 6� 6 � 50 mm, which is
modelled as show inFig. 1. By utilizing the symmetry of the problem and prescribing a uniform displacement
in the x1-direction, the boundary condition takes the form

Ta ¼ 0; u1 ¼ 0 at x1 ¼ 0; a ¼ 2; 3 ð9Þ

Ta ¼ 0; u1 ¼ _UDt at x1 ¼ L0; a ¼ 2; 3 ð10Þ

T1 ¼ 0; T3 ¼ 0; u2 ¼ 0 at x2 ¼ 0 ð11Þ

T1 ¼ 0; T2 ¼ 0; u3 ¼ 0 at x3 ¼ 0 ð12Þ

Ti ¼ 0 at xa ¼ b0; a ¼ 2; 3 ð13Þ

The material and damage parameters found in the uni-axial tensile tests are then used to model a tensile spec-
imen with a FS-welded joint running transverse to the tensile direction. The emphasis of this study is focused
on the geometry of a FS-welded joint of 25 mm thick aluminum plates, described by Fonda and Bingert[4].

In the following study, the weld is “rst modelled in 2D, with plane strain assumption. Unit width of the
specimen is thereby assumed in all cases, while the remaining dimensions are found inFig. 3. Furthermore,
the tensile test specimen is modelled in 3D for comparison with the 2D results. Depending on the purpose of
the analysis a section of the plate containing the weld is discretized in two di�erent manners. In the case of a
3D analysis the main part of the elements are localized in the softest region,Fig. 2. This con“guration of the
mesh is also used in 2D calculations when comparison of 2D and 3D results are made. As the following study
shows, the mesh should agree with the chosen material parameters, since damage development should mainly
occur in the region of “ne discretization. For a general description of the damage development in the whole

Fig. 1. Uni-axial tensile test specimen with a typical mesh.b0=L0 ¼ 0:12; L0 ¼ 25 mm.
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weld region a uniform mesh is needed instead,Fig. 3. A uniform mesh is therefore introduced in the 2D case,
when analyzing the e�ect of changing the material parameters in the direction transverse to the welded joint.

In all cases symmetry about the linex1 ¼ 0 is assumed and a uniform displacement is prescribed in thex1-
direction, while the boundary conditions take the form.

2D

T2 ¼ 0; u1 ¼ _UDt at x1 ¼ L0 ð14Þ

T2 ¼ 0; u1 ¼ 0 at x1 ¼ 0 ð15Þ

T1 ¼ 0; T2 ¼ 0 on SH ð16Þ

where SH is the horizontal surface of the specimen.

3D

T2 ¼ 0; T3 ¼ 0; u1 ¼ _UDt at x1 ¼ L0 ð17Þ

T2 ¼ 0; T3 ¼ 0; u1 ¼ 0 at x1 ¼ 0 ð18Þ

T1 ¼ 0; T2 ¼ 0; u3 ¼ 0 at x3 ¼ 0 ð19Þ

Ti ¼ 0; on remaining surfaces ð20Þ

To avoid e�ects of the material inertia, due to a sudden prescribed displacement, a ramping of the velocity,_U,
is applied, (Needleman and Tvergaard[26])

Fig. 2. 3D weld geometry with a typical mesh.L0=b0 ¼ 3; w0=b0 ¼ 0:25; L0 ¼ 75 mm.

Fig. 3. 2D weld geometry with a typical mesh.L0=b0 ¼ 3; L0 ¼ 75 mm.

2800 K.L. Nielsen / Engineering Fracture Mechanics 75 (2008) 2795…2811



_UðtÞ ¼ _U0t=tr for t 6 tr ; else _UðtÞ ¼ _U0 ð21Þ

where tr is the ramping time and _U0 is the prescribed velocity.

4. Weld assumptions

In the following study no di�erence between the advancing (AS) and retreating (RS) side of the weld is
assumed. This is due to the relatively small di�erence between the AS and RS for a perfect weld, pointed
out by Fonda and Bingert [4]. However, even a small asymmetry in the weld contributes to determining on
which side the fracture would occur.

4.1. Yield stress pro“le

A symmetric hardness and thereby initial yield stress pro“le transverse to the weld is introduced and mod-
elled as shown inFig. 4. The geometry used and the reductions in yield stress are estimated from the exper-
imentally measured Knoop hardness pro“le presented by Yang et al.[5] and from the tensile results of Liu and
Chao [3] and Genevois et al.[6]. The estimated yield stress pro“le is speci“ed as the variation in the middle of
the plate, while a linear variation between the crownðCÞ and the rootðRÞ of the weld is assumed. According to
Fig. 4 the dimension of the yield stress pro“le are ½L1; L2; L3�

ðCÞ ¼ ½40:0; 28:5; 14:0� mm and
½L1; L2; L3�

ðRÞ ¼ ½35:0; 14:5; 7:0� mm for the crown and root of the weld, respectively.
Furthermore, a change in the strain hardening exponentN, in di�erent regions of the weld is observed by

Liu and Chao [3]. This observation can be extended to also cover the uni-axial tension curves presented by
Lockwood et al. [2] and Genevois et al.[6]. To capture this e�ect an yield stress dependent hardening expo-
nent, analogous to that described by Barsom and Rolfe[27] for construction steel, is introduced for the alu-
minum alloy considered here. By “tting a similar expression to the experimental data presented by Liu and
Chao [3], one can derived the following empirical correlation for the strain hardening exponent

N ¼ 12:34
r y

r ðbÞ
y

" # � 7=10

ð22Þ

Fig. 4. Estimated yield stress variation transverse to weldline.
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4.2. Distribution of second phase particles

As presented by Yang et al.[5] and Barcellone et al.[14] a non-uniform distribution of second phase par-
ticles, from which new voids are assumed to nucleate, are in some cases present in a FSW joint. Some evidence
of an asymmetric decrease in the particle volume fraction,f N , though the weld NG towards AS has been
observed. This di�erence between RS and AS once again in”uences on which side of the weld the fracture will
occur. However, based on the limited data in the literature on the particle distribution transverse to the weld-
line only the in”uence of the drop in volume fraction of second phase particles will be studied, thus considering
a symmetric distribution.

Two types of distributions of second phase particles are studied. The cases considered are a homogeneous
distribution with constant level of f N , and a symmetric distribution shown inFig. 5. The assumed variation of
second phase particles is here introduced as a linear drop through the TMAZ region, in the middle of the
plate, x2 ¼ b0=2, with f ðTMAZ Þ

N =f ðbÞ
N ¼ 0:70 and f ðNG Þ

N =f ðbÞ
N ¼ 0:50. Furthermore, the dimensions of the pro“le

are assumed to coincide with those of the yield stress pro“le,LðCÞ
i and LðRÞ

i .

4.3. Material parameters

The remaining mechanical properties for aluminum AA2024 are here taken to beE ¼
72 GPa;m¼ 0:33; m ¼ 0:01, which are assumed constant transverse to the weldline, while the yield stress of
the base material isr ðbÞ

y ¼ 380 MPa. For estimating the damage parameters in the GTN-model, uni-axial ten-
sile test specimens from di�erent regions of the weld, cut out along the weldline, are analyzed. The specimens
are here assumed su�ciently small for the material to be assumed homogeneous. The results inFig. 6 are then
compared with experimental work presented by Lockwood et al.[2] and Genevois et al.[6] and the damage
parameters are estimated such that a reasonable “t of the stress…strain curves is obtained. However, to min-
imize the number of parameters varying transverse to the weldline the damage parameters are assumed con-
stant. These values are estimated to beeN ¼ 0:15; sN ¼ 0:3eN ; f c ¼ 0:075; f f ¼ 0:2; q1 ¼ 2 and q2 ¼ 1.

For the currently used empirical correlation(22) for the strain hardening exponent N, this means that neck-
ing and thereby fracture occurs at the largest strain in the material with lowest yield stress,Fig. 6. Somewhat
di�erent behaviour has been presented by Genevois et al.[6], where a slight decrease in fracture strain for

Fig. 5. Assumed variation of the volume fraction of second particle transverse to the weldline.
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decreasing yield stress is observed. This deviation from the experimentally obtained fracture strain for a sim-
ilar specimen can nevertheless be corrected by changing the level of the hardening exponent,N.

4.4. Residual stresses

For the current analysis all residual stresses are neglected and the tensile test specimen is thereby considered
stress free att ¼ 0. However, through the thermal e�ects and signi“cant plastic deformation of the material
due to the welding process, relatively large residual stresses are known to occur in the as-welded plate. Espe-
cially in the case of a plane strain condition, since the largest residual stresses are shown both experimentally
and numerically by Feng et al.[28] to occur along the weldline. However, for a 3D specimen a signi“cant drop
in residual stresses are furthermore shown to occur by Feng et al.[28], since the stress component along the
weldline is relaxed. The approximation of neglecting residual stresses are therefore more reasonable for the
thin 3D specimen than for the 2D plane strain case.

5. Results

The 2D results are “rst considered for the case of a yield stress pro“le given byr ðTMAZ Þ
y =r ðbÞ

y ¼ 0:80 and
r ðNG Þ

y =r ðbÞ
y ¼ 0:90. Figs. 7 and 8show the contours of constant void volume fraction and the maximum prin-

cipal logarithmic strain, respectively, for three stages of the deformation. It is seen that nucleation “rst
occurs in the TMAZ near the root of the weld, where also the largest principal logarithmic strain is
observed. Further stretching of the tensile specimen shows that the plastic ”ow localizes in a shear band-like
region near the lowest yield stress, where also the “nal failure is seen to occur,Fig. 7c. Furthermore, the
development of stress triaxiality,r k

k=ð3r eÞ, in the weld region is shown inFig. 9. It is seen that as the spec-
imen is stretched a region of relatively high stress triaxiality builds up in the TMAZ, while regions of lower
stress triaxiality occur in the NG and HAZ, respectively. In this case void growth will be present in the
TMAZ, since the strains grow large enough, due to the localization of plastic ”ow, to cause nucleation,
Fig. 8.

As shown by Liu et al. [10,11]“nal fracture will not always occur in the TMAZ. For a range of aluminum
alloys it is shown that the fracture region moves towards the NG of the weld for increasing advancing weld
speed [mm/rev.]. This is coupled to the changes in the yield stress pro“le, since for a high advancing weld speed
comparable yield stresses is found in the NG and the TMAZ, while for a low advancing weld speed the yield
stress in the NG exceeds that of the TMAZ, (Liu et al.[10,11], Dumont et al. [29]). This leads to a study of the
damage development as the ratio between the yield stress level in the TMAZ and the NG are varied. The anal-
yses are here carried out for “xedr ðTMAZ Þ

y =r ðbÞ
y ¼ 0:80.
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Fig. 6. Load vs. average axial strain curves for uni-axial tensile test specimen for di�erent regions, cut out along the weldline.
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The calculated load vs. average axial strain curves are shown inFig. 10, while the damage development for
three di�erent yield stress levels in the NG are shown inFig. 11, for the same average strain. By changing the
yield stress level in the NG, a clear change in the damage development is observed. However, in all cases void
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Fig. 7. Curves of constant void volume fraction for plane strain weld specimen: (a)ea ¼ 0:0737, (b) eb ¼ 0:0898 and (c)ec ¼ 0:1080.
Constant level of f N ¼ 0:04 is assumed.
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Fig. 8. Curves of constant maximum principal logarithmic strain for plane strain weld specimen: (a)ea ¼ 0:0737, (b) eb ¼ 0:0898 and
(c) ec ¼ 0:1080. Constant level off N ¼ 0:04 is assumed.
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